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Abstract

Abstract
Local and highly nonuniform heating during welding and subsequent cooling cause complex
thermal cycles inducing residual stresses and deformations in the weldment. There are numerous
in-process control methods and post-weld corrective methods that can be used to mitigate weldinginduced residual stresses and distortions. However, these can be expensive and time-consuming
techniques. Validated numerical models can reduce the number of regular experiments during
optimization and be applied for advanced manufacturing and design purposes; thus, manufacturinginduced imperfections and realistic structural behaviour can be determined.
The dissertation focuses on three different research topics in the field of steel structures using
numerical simulations consisting of virtual manufacturing and virtual testing. First, a numerical
modelling framework is developed and validated for simulating arc welding processes in order to
predict temperature, stress and deformation fields during welding and to consider welding-induced
imperfections based on welding simulations in geometrically and materially nonlinear analyses with
imperfections for resistance calculations. Secondly, a weld process model, focusing on modelling
the physics of heat generation, is developed and validated using a three-dimensional heat transfer
model and Goldak’s double ellipsoidal heat source model for a metal active gas welding power
source. The weld pool size is predicted in fillet and groove welds with fair precision in structural
steel weldments and two different electrode types. Manufacturing and testing of steel corrugated
web girders are in the focus of the third research topic. A finite element model is developed and
validated for welding simulation of corrugated web girders; an automated Frenet-Serret frame is
also developed in order to simplify modelling the movement of the heat source along the twodimensional welding trajectory. The physical background of typical deformations during welding
of this girder type is explained based on experimental and numerical results. Typical weldinginduced longitudinal residual stress distributions of corrugated web girders are determined and
compared with conventional flat web I-girders. Results demonstrate that the residual stress
distribution for corrugated web girders and conventional I-girders are significantly different due to
‘accordion effect’ and different welding trajectories. Mainly membrane residual stresses are typical
for girders with flat web, while bending residual stresses dominate for corrugated web girders. Shear
buckling resistance of corrugated web girders are determined using equivalent geometric
imperfections based on EN 1993-1-5 and models considering virtual manufacturing-based residual
stresses and geometric imperfections. It is demonstrated that the application of virtual
manufacturing and virtual testing may ensure increased shear buckling resistance in advanced
design.
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Introduction

1 Introduction
1.1 Problem statement
The improvement of welding technologies and material characteristics has turned welding into the
leading joining process in the steel manufacturing industry. Recently, welding has become more
relevant for on-site constructions while it has been already widely used for manufacturing in
workshops. Generally, the dissertation copes with fusion welding, where the metal parts are heated
up until the base material and filler material (if any) are melted, while additional pressure is not
required [1]. Fusion welding is a multi-physical problem, where the interaction of heat source with
the base material leads to several complex physical phenomena including disciplines of heat and fluid
flow, electromagnetism, metallurgy and mechanics. Welding results in highly nonuniform heating by
the heat source. Local heating and subsequent cooling cause complex thermal cycles inducing
microstructural changes, which means a modification in material properties, volumetric changes,
plastic strains and transient thermal stresses [2]. Thermal stresses, which are elastoplastic in the region
of welding, result in residual stresses and deformations (shrinkage, distortion and buckling) in the
weldment, which are tremendous problems during manufacturing and service as well.
Local heat input causes local cyclic tension-compression in plastic zones (Figure 1) during the
quasi-stationary state. Stresses in front of the heat source are compressive, because the surrounding
material with lower temperature is sufficiently stiff to restrain the expansions [3]. According to
Goldak and Akhlaghi [4], high temperature range (T ≥ 0.5Tliq) may be considered to be of minor
importance in residual stress development because of low yield strength, however, geometrical
changes can be very important. As the weld solidifies and temperature decreases behind the heat
source, the material contracts resulting in high longitudinal tensile stresses due to the increase of
stiffness and yield strength [3]. The dashed curve separates heated regions and cooling parts in the
figure below, while the schematic stress-strain cycles (points 1 to 7) are considered as temperatureindependent. First, the material is under elastic compression (point 1), then, after reaching the yield
strength, it suffers plastic deformations (point 2) in the compression zone, which is followed by
elastic unloading (point 3) at some distance from the weld bead centre line. Point 4 is in the plastic
tension zone and it is exposed to additional elastic and plastic deformations, which is followed by
elastic unloading (point 5). Point 6 has a similar stress-strain cycle as point 5, except it is closer to
the centre line and it was melted and annealed before. Point 7 lies on the centre line, therefore, it is
solely subjected to elastic and then plastic tension [2, 4].
5
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Fig. 1 Local stress-strain cycles in quasi-stationary state after Radaj [2].

Global effects of temperature changes on thermal stress distributions are illustrated in
Figure 2 considering four sections of a bead-on-plate during welding according to Masubuchi
[1]. Solely longitudinal stresses are shown; however, other stress components also exist.
Temperature change and stresses are almost zero in front of the heat source along section A-A.
Section B-B crosses the weld pool, thus temperature is extremely high in this region. The
temperature profile shows a nonuniform distribution and a rapid change along the transverse
direction. Stresses are zero in the weld pool, while compressive stresses develop near the heat
source as explained before. Further regions are in tension. Temperature profile of section C-C
some distance behind the heat source shows lower peak temperature. Tensile stresses evolve
near the weld bead due to solidification and contraction, whilst thermal stresses are mainly
compressive further. Temperature change along section D-D is assumed to be zero as it is far
enough from the heat source. Residual stresses near the weld bead reach the yield strength of
the base material. Residual stresses are in equilibrium within a part without any external load,
therefore, residual stresses are consequently mainly elastic and compressive in further regions.

Fig. 2 Temperature change and longitudinal thermal stresses during welding after Masubuchi [1].
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The fundamental deformation modes due to welding are sorted into seven classes
(Figure 3) by their appearance [1, 2, 5]: a) transverse shrinkage perpendicular to the weld bead centre
line, b) longitudinal shrinkage in the direction of the weld bead centre line, c) rotational distortion
(planar angular distortion) due to thermal expansion, d) angular distortion close to the weld bead
centre line caused by a nonuniform temperature distortion through the thickness, e) longitudinal
distortion (bowing) in the normal direction of the plate, f) buckling distortion due to compressive
thermal stresses in components, g) twisting distortion as a result of shear thermal stresses.

Fig. 3 Deformation modes: a) transverse shrinkage, b) longitudinal shrinkage, c) rotational distortion,
d) angular distortion, e) longitudinal distortion, f) buckling and g) twisting distortion.

In general, there are two design approaches for controlling structural and geometric
imperfections. Distortion-controlled design can significantly reduce manufacturing costs by
eliminating the need for expensive distortion corrections, reducing machining requirements,
minimizing capital equipment costs, improving quality and permitting premachining concepts to
be used. On the other hand, residual stress-controlled design can efficiently enhance service life
by reducing weight, maximizing fatigue performance, quality enhancement and minimizing
expensive service problems, while improving fracture toughness. There are numerous in-process
control methods that can be used to mitigate welding-induced residual stresses and distortions
including local and global weld sequencing, definition of welding variables, control of welding
consumables, precambering (elastic prestraining in a fixture), prebending (plastic deformations
before welding), transient thermal tensioning, heat sink welding and fixture design [6, 7].
Nevertheless, post-weld corrective methods can be also used to control distortions and residual
stresses such as press straightening, flame straightening, post-weld heat treatment, laser shock
peening, shot peening, hammer peening and high frequency mechanical impact treatment, etc.
However, these are expensive and time-consuming techniques.
7
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Validated virtual manufacturing (i.e., manufacturing simulations) and virtual testing (i.e., buckling
analysis, fatigue analysis, etc.) could be used for optimization and development purposes in
accordance with a reduced number of experiments and tests on actual prototypes. The aforementioned
in-process control methods and post-weld corrective methods can be modelled either to perform
distortion-controlled or residual stress-controlled design. Numerous previous research activities
highlighted the importance of residual stresses and geometric imperfections regarding the load
bearing capacity of structural elements. However, most of the standards give only approximations and
assumptions on equivalent geometric imperfections while the real structural behaviour can be
significantly different. The current research program investigates and evaluates the advantages of
virtual manufacturing and virtual testing of different welded steel products.

1.2 Motivation
Dissertation focuses on three different research topics in the field of advanced manufacturing
and design of steel structures using numerical simulations consisting of virtual manufacturing and
virtual testing. First research aim is to develop a validated numerical modelling framework to
simulate arc welding processes using a general-purpose finite element software in order to predict
temperature, stress and deformation fields during welding. Additional aim is to consider weldinginduced imperfections based on welding simulations in geometrically and materially nonlinear
analyses with imperfections (GMNIA) for improving the reliability of welded structures used in the
civil engineering practice as more realistic structural behaviour and resistance can be determined.
Second research objective is related to the development of a weld process model, using threedimensional heat transfer model and double ellipsoidal heat source model, for typical welded joints
taking welding variables and filler wire types into account in virtual manufacturing processes.
Virtual manufacturing makes the optimization of in-process control methods possible by varying
welding variables, welding sequences, clamping conditions, etc. Application of the developed
numerical modelling tool can significantly reduce manufacturing costs by eliminating the need for
expensive post-weld corrective methods and efficiently enhance service life.
Steel I-girders with corrugated webs are in the focus of the third research topic. This girder type
has been increasingly used in the past decades for bridges. Nevertheless, there are several
specialities in their structural behaviour (e.g., ‘accordion effect’ due to negligible axial stiffness)
which needs further investigation. The purpose of the current research is to evaluate typical residual
stress distributions in trapezoidal corrugated web girders using manufacturing simulations and to
analyse and evaluate the effect of imperfections on shear buckling resistance.
8
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1.3 Research strategy
The outline and research strategy of the presented work is the following:
1

Development of finite element framework. Literature review is executed to investigate

previous research activities conducted by researchers in the field of welding simulation. The
developed finite element framework is presented for simulating arc welding processes in order to
predict temperature, stress and deformation fields during welding. Implementation of uncoupled
transient thermo-metallurgical-mechanical analysis and simplified approaches are discussed and
studied. An automated Frenet-Serret frame is developed in order to simulate any arbitrary threedimensional welding trajectory and movement of a local coordinate system representing the heat
source. Details of geometrically and materially nonlinear analysis with realistic manufacturinginduced imperfections are investigated and implemented in the developed numerical framework.
2

Development of weld process model. First, a comprehensive literature review related to

heat source and weld process models is conducted. An extensive research program is carried out
on small-scale specimens using different weld types, filler wire types, number of weld passes
and welding variables. The experimental research program contains temperature measurements
during welding, macrographs and deformation measurements after welding. The research
program focuses on the relationship of welding variables and double ellipsoidal heat source
model parameters. The numerical model is validated based on large number of experimental
data. The developed weld process model provides heat source parameters as a function of net
heat input and it is applicable for a metal active gas welding power source and two electrode
types.
3

Virtual buckling tests of trapezoidal corrugated web girders. Previous research

activities related to residual stresses in corrugated web girders and shear buckling resistance are
discussed. An experimental and numerical study is performed focusing on the evolution of total
strains in corrugated web girders. The developed finite element model for welding simulation is
validated based on strain gauge measurements, while the typical welding-induced longitudinal
residual stresses in the web and flanges are determined. Simulated residual stress pattern of
corrugated web girders is compared with conventional I-girders with flat web and the influence
of ‘accordion effect’ during manufacturing is evaluated and determined. Virtual shear buckling
tests are carried out on virtual specimens taking manufacturing-induced imperfections into
account. Results are compared with design formulae, differences are determined and evaluated.
9
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2 Development of finite element framework
2.1 Welding simulation
2.1.1

Introduction

There is a remarkable industrial demand on speeding up and improving manufacturing processes
such as rolling, casting, forging, cold forming, thermal cutting, machining and welding. In
general, the dissertation focuses on the development possibilities related to welding
simulations. Lindgren [8] revealed that welding technologies are generally developed by
performing experiments and tests on prototypes, while computational methods are still rarely used
in the development process. It is a substantial expectation that simulations will complement
experiments using the ‘trial and error’ process for obtaining Welding Procedure Specifications as a
result. Namely, both residual stresses and deformations are evaluated in the design phase to
optimize welded structures and manufacturing processes. Application of Computer-aided
Engineering opportunities are usually more efficient and economical than experiments to determine
optimal parameters. Developing a sustainable virtual manufacturing process is an innovative way
to reduce waste in workshops and specify optimal manufacturing conditions. For instance,
structures with increased rigidity in clamping during welding tend to develop higher residual
stresses and smaller deformations during welding. It is not possible to fully eliminate residual
stresses and deformations. Eventually, it leads to an optimization problem and a compromise
between perfectly rigid and stress-free constraints.
Goldak and Akhlaghi [4] denoted that in the automotive industry the number of prototypes has
been reduced from a dozen to one or two applying Computer-aided Engineering sources as
powerful, robust and efficient tool. The general aim of computational welding mechanics is to set
up reasonably precise methods and models that are capable of controlling and designing welding
technologies whilst ensuring suitable performance [5]. The development of production quality
and design of sustainable structures indicates the importance of numerical simulations.
Obviously, it is an overall aim to perform numerical simulations faster and easier than to carry
out welding experiments, especially when dealing with large-scale welded structures [9].
However, it can be concluded that simulations become cheaper than performing actual tests [5].
On the other hand, it must be emphasized that reduced number of prototypes are still necessary
to validate simulations. Additional advantage of computational welding mechanics is comparing
different variants in the design phase, thus, optimization of the manufacturing process and the
10
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final product under service conditions could be achieved without the need for a series of tests.
Nowadays, due to the improvement of computational tools and hardware it is feasible to examine
large-scale welded joints and structures in an adequately accurate way, but it must be declared
that computations still have boundaries. Welding simulation can be implemented in full-scale
modelling frameworks describing the entire manufacturing process including steel rolling,
casting, forging, cold forming, thermal cutting, machining and welding [6]. It is important to
clearly understand phenomena during welding and their effects on deformations and residual
stresses in order to develop a welding simulation tool.
The evolution of thermal stresses can be illustrated in a simplified manner using the both-endsfixed bar analogy [10] assuming a uniformly heated bar or the three-bar frame model [1]. Actually,
Satoh test [10] is a nondestructive approach in laboratory for monitoring the accumulation of
thermal stresses in rigidly constrained specimens during heating and cooling. It makes it possible
to determine the effect of different heating and cooling rates on microstructural changes and
mechanical properties in conjunction with dilatometry test. The fixed ends are supposed to model
the cold and stiff material surrounding the hot and soft material (the bar itself). The axial stress in
the bar corresponds to the longitudinal stress in the welding direction. Figure 4 shows a schematic
illustration of the evolution of axial stress due to heating and cooling assuming microstructural
changes, hardening and temperature-dependent mechanical properties. First, the bar is heated until
liquidus temperature; as temperature increases Young’s modulus, yield strength and hardening
behaviour decrease, while compressive thermal stresses evolve [2]. After a critical temperature the
yield stress is exceeded and additional heating reduces compressive thermal stresses as the material
dramatically softens [11]. Axial stresses become zero after liquefaction; material stiffness increases
during solidification causing tensile thermal stresses. In case of rapid cooling, martensitic phase
transformation could occur at relatively low temperature resulting in transformation-induced
plasticity (TRIP) at macroscopic stress levels less than yield stress. Therefore, two curves are
presented in Figure 4 including and neglecting transformation-induced plasticity showing the
influence on transient thermal stresses and residual stresses.
Having perfectly rigid constraints is an extreme case, which is not possible during welding.
On the other hand, free thermal expansion (also shown in Figure 4) may give large deformations
without stresses, which clearly illustrates the difficulty of designing fixtures during welding. The
three-bar frame model (shown with a dotted curve in the figure) is substantially similar to the
both-ends-fixed bar, except it does not ensure perfectly rigid constraints, thus, smaller thermal
and residual stresses develop. After cooling, side bars illustrate the regions in elastic compression,
11
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while the middle bar is in plastic tension. The main assumptions of this simple model are the
following [1]: i) the side bars are kept at room temperature T0, ii) the middle bar is uniformly
heated up to liquidus temperature Tliq and then cooled down to room temperature, iii) the
transverse bars are rigid resisting the deformation of the middle bar, thus, the σs stresses in the
side bars are half of the σm stresses in the middle bar and opposite in sign to ensure equilibrium.
The used notations are the following: σy0 is the yield strength of the base material, E is the
Young’s modulus and α is the linear thermal expansion coefficient at room temperature. The
initial slope of the three-bar frame model and the both-ends-fixed bar are different. The derivation
of the simplified models is published by Masubuchi [1] and Lindgren [5].

Fig. 4 Schematic illustration of variation in axial stress-temperature during a thermal cycle after
Masubuchi [1] and Lindgren [5].

The current research aim is to develop a reliable numerical modelling framework to simulate
arc welding processes for civil engineering and mechanical engineering applications using a
general-purpose finite element software in order to predict temperature, stress and deformation
fields during welding. Literature review is executed to investigate previous research activities
conducted by researchers in the field of welding simulation. The most important and widely used
methods, analysis types and numerical approaches found in literature are introduced in the
dissertation. Implementation of uncoupled transient thermo-mechanical analysis and simplified
approaches are discussed and studied. An automated Frenet-Serret frame is developed in order to
simulate any arbitrary three-dimensional welding trajectory and movement of a local coordinate
system representing the heat source.
12
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Literature review

Several simplified analytical approaches exist for predicting residual stresses and
deformations for simple cases. One of the most important developments in the past belongs to
Okerblom et al. [12] from 1963. They utilised the theory of heat flow of moving heat sources
developed by Rykalin [13] back in 1951 to estimate thermal strain and stress distributions
around the weld bead. A simplified temperature-dependent elastoplastic material model was
suggested for steels assuming no stress evaluation above 600 °C. Farkas [14] also discussed the
theory of welding-induced residual strains and stresses in 1974 based on the calculation method
of Okerblom. Furthermore, Kuzminov [15], Vinokurov [16] and Masubuchi [1] also introduced
approaches to assess the magnitude of welding-induced deformations. Farkas and Jármai [17–
19] conducted researches about the analysis and reduction of welding-induced distortions using
analytical and semi-empirical calculations for special cases. Nevertheless, these simple models
are generally based on rough assumptions and they were mainly used before numerical methods
became available in the field of welding simulations. In the last decades, welding simulation
became an effective tool to study the structural behaviour during manufacturing (i.e., predict
the temperature field, strains, stresses and deformations during welding), while generally, the
major aim is to predict residual stresses and deformations that have a large influence on the
structural resistance. The presence of imperfections inevitably reduces the structural
performance. Nowadays, welding simulations are usually applied in the automotive, energy and
heavy industry in order to optimize welding technology and structural performance,
nevertheless, mostly virtual manufacturing of weldments is carried out, and virtual tests on the
weldments are rarely performed. Finite element analysis of welding is not frequently applied in
civil engineering practice. However, several results are available on this research field as well,
which are the following:
• Sun, Li and Wang [20] simulated the manufacturing process of welded box section
columns in 2011. They concluded that welding sequence does not have significant
influence on residual stresses, while the number of weld layers may result in substantial
discrepancies. However, welding sequence may have a large influence on distortions.
• Pasternak et al. [21] focused on the residual stresses of welded I-girders with thick plates
in 2015. Residual stress measurements were carried out for the outer surfaces of the
flanges by using x-ray diffraction technique. Numerical results showed good correlation
to average measured values despite observational errors.
13
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• Wang et al. [22] determined the longitudinal residual stresses in H-shaped steel columns after
thermal cutting and welding and an extreme condition of fire exposure in 2015. They concluded
that residual stresses reduce significantly after fire exposure.
• Pasternak et al. [23] proposed a combined analytical-numerical hybrid shrinkage model in 2017
for simplified welding simulations of large structural components. The approach takes both
welding-induced deformations and residual stresses into account. They proposed that the
inherent strain can be taken as the plastic strain. The method is presented on an I-girder, which
can be extended for different structural applications.
• Moradi and Pasternak [24] studied the influence of various welding sequences on residual
stresses and deformations of square hollow section steel T-joints in 2017. It was concluded, that
increasing the number of welds, i.e., using welds with shorter length, and applying the same
heat input leads to higher tensile stresses at and around the weld toes.
• Residual stresses in welded box sections were also determined using transient welding
simulation by Jiang et al. [25] in 2017. They modelled the influence of welding process,
preheating and post-weld heat treatment on residual stresses of built-up high strength steel box
columns. There was no obvious difference between residual stress distributions due to metal
inert gas welding and submerged arc welding which could be explained by similar heat input
in the models. Preheating slightly decreased residual stresses, while post-weld heat treatment
effectively reduced the magnitude of tensile residual stress near the corners.
• Krausche et al. [26] used the macro bead deposit method in 2017, in order to reduce
computation time, to determine the effect of different welding sequences in the case of a box
section with a unique shape and stiffeners. Residual stresses were comparable; however,
deformations were qualitatively different for variant welding sequences.
• Van Puymbroek et al. [27] dealt with the welding simulation of a stiffener-to-deck plate detail
of an orthotropic steel deck in 2019. Residual stress results were validated by experimental
measurements using the incremental hole-drilling method.
Several publications related to Hungarian researchers could be also mentioned in the field of
welding simulation. The most remarkable publications are the following:
• Palotás [28] showed application examples of modelling resistance welding, cold pressure
welding processes and some possibilities based on the application of finite element method in
2002. It was emphasized that fully mechanized processes such as pressure welding processes
are suitable for finite element simulation-based Computer Aided Process Planning.
14
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• In 2011, Néző [29] performed the virtual manufacturing of full-size steel plate girders and a
mixed explicit-implicit time integration scheme was proposed in order to reduce computational
time. It was also demonstrated that computational cost can be remarkably reduced by increasing
the length of the heat source model and the travel speed by the so-called ‘speed up’ factor in
large weldments where plate buckling governs welding-induced deformations.
• Bézi and Szávai [30] conducted a repair weld simulation of austenitic steel pipe in 2014.
Residual stress measurements were performed on weld repair and the numerical model, using
Chaboche combined hardening model, was validated.
• Szávai et al. [31] dealt with the material characterization and numerical simulation of dissimilar
steel butt-welded joints between ferritic and austenitic steels in 2016. Neutron diffraction
technique was used, and an acceptable agreement was found between predicted and measured
residual stress data.
• Dobránszky et al. [32] modelled the distortions of S355J0 and S960QL plates due to bead-onplate welding and flame straightening in 2017. Long computational time was highlighted, and
a simplified numerical model of a large welded truck chassis was also demonstrated.
Some years ago, it was almost impossible to simulate welding of large and complex structures
because of hardware requirements and long computational time. In the case of large-scale structures,
such as ships hulls [33, 34], stiffened panels [35], social infrastructure products [36], bogie beams
[37], bulk carriers [38], pressure vessels [39] and bridges, it is obvious that some simplifications are
required to perform welding simulation; thus, large number of degrees of freedom (DOFs) may be
avoided to perform three-dimensional transient analysis. Therefore, several simplified numerical
approaches have been developed in the past in order to reduce computational time such as:
• two-dimensional transient analysis [5, 40–42],
• lump-pass analysis/macro bead deposit method/block dumping technique [37, 39, 43–45],
• shrinkage analysis [46–49],
• plasticity-based distortion analysis [5, 50],
• inherent strain method [5, 36, 38, 51, 52],
• iterative sub-structuring method [5, 37].
Based on the literature review it can be concluded that welding simulation, using threedimensional transient analysis or simplified approaches, is an effective tool to investigate the influence
of imperfections due to manufacturing and this method has been successfully applied by researchers
in the past for different structural details.
15
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Development of numerical approach

2.1.3.1 Couplings in welding simulations
A complex modelling framework, including three-dimensional transient thermo-metallurgicalmechanical, uncoupled thermo-mechanical analyses and simplified welding simulation techniques,
have been developed in ANSYS [53] to simulate fusion welding processes in order to determine and
evaluate temperature fields, analyse the evolution of welding-induced strains and stresses, residual
stresses and deformations. The developed approach was validated based on temperature and residual
stress measurements by Kollár et al. [54–57]. Generally, uncoupled thermo-mechanical analyses are
performed in the thesis, however, the possibility of running a thermo-metallurgical-mechanical
analysis is developed as well. Validation of thermo-metallurgical-mechanical analysis, based on
results of a welding simulation software package, is described in Appendix A. Three-dimensional
transient analysis is performed for detailed calculation purpose, which is a comprehensive technique
for welding simulations. Generally, it can be declared that modelling large scale welded structures
with transient heat source is nearly impossible with acceptable computational time. Simplified
approaches such as lump-pass analysis are also implemented. The most important features of the
numerical methods are presented hereunder. The typical couplings in a thermo-metallurgicalmechanical analysis are shown in Figure 5. Weak couplings can be neglected in the case of fusion
welding processes [5]. These couplings are listed below according to [2, 5, 8].

Fig. 5 Couplings in a thermo-metallurgical-mechanical analysis.
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1a Thermal strain depends on microstructure of material. Microstructure-dependent
thermal strains are summarized in Appendix B for the thermo-metallurgical-mechanical
analysis. A linear mixture rule of thermal strains is used for multiple phases.
1b Volume changes due to phase transformations. Lattice structures are different for each
phase; therefore, atomic packing factor is also different for body centred cubic, face centred
cubic or body centred tetrahedral lattices which results in volume changes due to phase
transformations. The difference in volume between austenite and other phases is considered by
using a linear mixture rule of thermal strains combined with models for microstructural
evolution (Leblond model, Koistinen-Marburger equation) according to Lindgren [58].
1c Elastic and plastic material behaviours depend on microstructure. Microstructuredependent mechanical material properties are summarized in Appendix B for the thermometallurgical-mechanical analysis. A linear rule of mixture is implemented for Young’s modulus
and Poisson’s ratio. The nonlinear mixture rule (Equation 1), proposed by Leblond et al. [59, 60]
based on experiments and numerical simulations, is used for the yield strength calculation of
multiple phases due to microscopic plasticity in the phase with lower yield strength generated by
volumetric incompatibilities described by the Greenwood-Johnson mechanism [61]:

σ y = [1 − f ( P)] σ γy + f ( P) σ αy
where σ y is the macroscopic yield strength,

σ αy

and σ

γ
y

(1)

are the yield strengths of α (harder)

and γ (weaker) phases, respectively, while f ( P) is a nonlinear function depending on the
proportion of the harder phase. Piecewise linear interpolation is performed between data point
added in Table 1,
Table 1 Nonlinear function f(P) depending on proportion P of the α (harder) phase.
P

0

0.125

0.25

0.50

0.75

1.0

f(P)

0

0.0186

0.101

0.392

0.672

1.0

1d Transformation-induced plasticity. The phenomenon of transformation-induced plasticity
is not included in the thermo-metallurgical-mechanical analysis.
2 Microstructure evolution depends on deformation and stress state (weak coupling).
Microstructure evolution may depend on mechanical deformation and stress state: can be
particularly martensitic and bainitic transformation [4].
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3a Thermal material properties depend on microstructure. Microstructure-dependent
thermal material properties (thermal conductivity, density and specific heat) are summarized in
Appendix B for the thermo-metallurgical analysis. A linear mixture rule is used for multiple
phases.
3b Latent heats due to phase transformations/solidification/melting. Latent heats due to
phase transformation are directly taken into account in the thermo-metallurgical analysis by
using the linear mixture rule of thermal material properties (density ρ and specific heat c).
Latent heats due to solidification and melting are considered in enthalpy H (Equation 2) by
using the enthalpic approach and effective specific heat concept [62]:
H (T ) =



T

0

ρ (τ ) c(τ ) dτ

(2)

4 Microstructure evolution depends on temperature. The Leblond model [63] is
implemented to predict diffusion driven phase transformations. The model can be used for
simultaneous transformations and it describes the phase i  j transformation as follows:

dPj (T )
dt

= f (Tɺ )

P ijj,eq (T ) − Pj (T )

τ ij (T )

or

dPj (T )
dt

= f (Tɺ ) kij (T ) Pi − lij (T ) Pj 

where Pj is the proportion of phase j, t is time, T is temperature,

(3)

is thermal gradient, f (Tɺ )

is a coefficient depending on thermal gradient, P ijj,eq is equilibrium proportion of phase j at
temperature T, τ ij is characteristic time, which is necessary for the phase i  j transformation
at temperature T, while

ij
kij (T ) = P ijj,eq (T ) / τ ij (T ) and lij (T ) = 1 − P j,eq
(T )  / τ ij (T ) .

Temperature driven austenitemartensite transformation is considered separately in the model
using the Koistinen-Marburger equation [64]:

P(T ) =1− e−α (MS −T )

(4)

where P is the proportion of austenite, T is temperature, MS is martensite start temperature and
α is a material constant, which can be set to 0.011 1/°C for most of the steels. The metallurgical
analysis is extended to hardness calculation of the heat-affected zone as well based on chemical
composition and temperature history of the material. Vickers hardness can be calculated using
the linear mixture rule. Vickers hardness of different phases is evaluated using Equations 5-7
developed by Maynier et al. [65] and Hildebrand and Werner [66]:
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HVF = 260 + 223C + 15Si + 30Mn + 21Ni + 23Cr + 19Mo + 260V

HVB = −323 + 185C + 330Si + 135Mn + 65Ni + 144Cr + 191Mo +

(5)

(89 + 53C − 55Si − 22Mn −10 Ni − 20Cr − 33Mo) log10 V1

(6)

HVM = 127 + 949C + 27Si + 11Mn + 8Ni + 16Cr + 21log10 V1

(7)

where HVF, HVB and HVM are Vickers hardness of ferrite-pearlite mixture, bainite/tempered
martensite and martensite, respectively, while V1 is the cooling rate at 700 °C in °C/h and all
compositions in the equations are in percentage by weight.
5a Deformation evolution depends on temperature. Temperature fields coming from the
thermal or thermo-metallurgical analysis are applied as nodal loads in the subsequent mechanical
analysis in order to determine welding-induced stresses and deformations.
5b Mechanical material properties depend on temperature. Temperature-dependent
mechanical material properties (thermal strains, Young’s modulus Poisson’s ratio and yield
strength) are summarized in Appendix B.
6a Deformation changes thermal boundary conditions (weak coupling).
6b Heat due to thermal, elastic and plastic strain rate (weak coupling).

2.1.3.2 Applied element types
The developed numerical framework utilizes solid elements regarding the complexity of the
problem. Generally, finite elements of the same order are used in thermal and mechanical analyses,
while linear elements are recommended in welding simulations as smaller low-order elements
perform better than larger high-order elements in nonlinear problems [67]. Nevertheless, linear
elements require reduced integration of volumetric strain fields in order to prevent volumetric
locking when there are large plastic strains [68]. SOLID70, a thermal solid element, has a threedimensional thermal conduction capability. The element has eight nodes with a single thermal
degree of freedom at each node. SOLID185, the equivalent structural solid element, has eight
nodes with three translational degrees of freedom (in nodal x, y, and z directions) at each node.
Solid elements with pure displacement formulation and full integration with B-bar method (also
known as selective reduced integration method) are used in the vicinity of the weld. Elements
with enhanced strain formulation are applied in the remaining domains.
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2.1.3.3 Material models and material properties
Thermal and mechanical material properties are based on EN 1993-1-2 [69] in the thermomechanical analysis. The code is basically recommended for structural fire design but there are
various examples in the literature presenting its applicability for welding simulations in case of
structural steels. The material properties are defined between 20 °C and 1200 °C in the standard.
Temperatures can be much higher during welding; therefore, thermal material properties are set
as constant values above the cut-off temperature of the material, which is taken as 1200°C. EN
1993-1-2 uses reduction factors for defining temperature-dependent Young’s modulus, yield
strength and stress-strain curves. This material model has a notable advantage as only yield
strength and Young’s modulus are needed to be added on room temperature to describe the
mechanical behaviour of the material. The required parameters are given in the Annex A of EN
1993-1-2 to describe stress-strain curves at elevated temperatures. The standard also gives a
recommendation for modelling hardening below 400 °C. A multilinear isotropic hardening
model is used in the simulations with von Mises yield criterion and associative flow rule.
Thermal and mechanical material properties are summarized in Appendix B for both thermomechanical and thermo-metallurgical-mechanical analyses.

2.1.3.4 Boundary conditions and loads
Thermal boundary conditions are defined for heat flow calculations. The initial temperature
(room temperature or preheating temperature) of nodes is specified before the first load step. Nodal
temperatures of not yet deposited weld passes are prescribed in the first step of the calculation to
avoid ill-conditioned matrices. Heat losses at the surfaces are governed by radiation, convection
and heat conduction in contact problems. A combined temperature-dependent heat transfer
coefficient of hcr(T) is defined in Function Editor [53] to model the effect of convection and
radiation to ambient in the developed code (Equation 8). In the equation below, hc(T) is convective
heat transfer coefficient or film coefficient, T is absolute surface temperature, Tamb is absolute
ambient temperature, σ is the Stefan-Boltzmann constant and ε(T) is emissivity.

hcr (T ) = hc (T ) + σ ε (T )(T + Tamb )(T 2 + Tamb2 )

(8)

In general, the film coefficient is assumed to be 25 W/(m2K), while emissivity is taken as a
temperature-independent value with a magnitude of 0.8. However, temperature dependence of
emissivity can be included in the model. In addition, welding results in heat generation which could
be modelled in a finite element model using three different methods: applying i) prescribed
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temperature, ii) surface flux or iii) element body force load. The implemented techniques are
described in detail related to the welding simulation approaches in latter sections.
Temperature fields are applied as nodal loads in the mechanical analysis. Clamping conditions
(i.e., rotational and translational degree of freedom constraints) have an important impact on the
evolution of deformations and stresses. First of all, rigid body motion has to be avoided. Therefore,
defining the minimum number of constraints is necessary to analyse a statically determinate
structure. In addition, clamping can act as rigid (or elastic) supports. In case of statically
indeterminate structures, the additional constraints should be deleted in an intermediate (hot release)
or in the last substep (cold release) of the simulation to model elastic unloading (‘springback’) and
assess residual stresses and deformations.
Using plane symmetry, axisymmetry or cyclic symmetry can be an effective method to
reduce the size and computational time of symmetric problems, that may lead to particular
actions on thermal and structural boundary conditions. For instance, a plane of symmetry acts
like a perfectly insulated surface in the thermal analysis. Thus, surface loads, to model
convection and radiation, have to be deleted in the plane of symmetry resulting in no heat flow
through the surface. In addition, nodes must be constrained in the normal direction of the plane
of symmetry in the mechanical analysis. On the other hand, setting the proper boundary
conditions and key option enables axisymmetric modelling in case of plane finite elements.
Specifying a cyclic symmetry analysis, i.e., coupling the nodal degrees of freedom of side face
nodes of a cyclically symmetric model in a cylindrical coordinate system (or using constraint
equations in Duplicate Sector method), results in enforcing cyclic symmetry boundary
conditions on sector edges. Figure 6 with symmetry expansions presents three examples for
applied symmetry conditions on numerical models implemented by the author.

plane of
symmetry

a)

cyclic
sector

axis of
symmetry

b)

c)

Fig. 6 Models taking a) plane symmetry (T-section), b) axisymmetry (weld neck pipe flange) and c)
cyclic symmetry (stator housing) into account.
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2.1.3.5 Solver and load step options
Implicit time integration scheme is utilized for welding simulations. Sparse solver is used in
nonlinear mechanical and transient thermal analyses with full Newton-Raphson method updating the
stiffness matrix at each equilibrium iteration. Line search option is activated to improve the NewtonRaphson method by scaling the solution vector by a scalar value instead of using adaptive descent as
a default option. Time steps are calculated from instantaneous travel speed and element size along the
welding trajectory during transient analysis of welding. In the cooling phase, an automatic time
stepping algorithm is used which is developed by Kollár and Kövesdi [70]. A schematic drawing of
time stepping during cooling is presented in Figure 7. This technique is developed for quasi-steady
cooling as global maximum temperature of the model is taken as representative data in each time step.
Time

and temperature

between step

∗

are determined as a linear prediction from the previous cooling rate

1 and using ∆

maximum allowed temperature decrease as a user defined

parameter to control the accuracy of the solution as suggested by Brickstad and Josefson [71]. The
presented method handles interpass temperature for multi-pass welding as well. The forthcoming
weld pass starts automatically as the maximum temperature reaches the formerly defined
interpass temperature. Forced cooling is implemented in the last time step of the analysis to reach the
ambient temperature.

Fig. 7 Schematic demonstration of the automatic time stepping algorithm for cooling.
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Either small or large deflection effects can be included in the mechanical analysis. Large rotation,
large strain, stress stiffening, and spin softening effects are automatically included in all geometrically
nonlinear analyses in ANSYS involving change in stiffness due to deformations and not from material
properties [53]. Total strain is decomposed into several components in the nonlinear finite element
analysis according to Equation 9:

ε total = ε elastic + ε plastic + ε thermal = ε elastic + ε inherent

(9)

where εelastic is elastic strain, εplastic is classical plastic strain due to rate-independent plasticity
and εthermal is thermal strain consisting of thermal expansion and volume changes due to phase
transformations. In addition, total strain can be defined as a sum of elastic strain and inherent
strain εinherent, which includes all the strain components except elastic strain. Eventually, elastic
strains are responsible for residual stresses, whilst inherent strains result in residual
deformations.

2.1.3.6 Filler material addition
Depending on the welding process, welded joints can be created with or without filler material
addition. Therefore, initial gaps and deposited material have to be modelled in welding simulation.
Basically, there are two different manners to deal with element activation and deactivation according
to Lundback [72]: quiet element technique [8, 73–75] and inactive element technique [53, 76–78].
The quiet element technique assumes that all the elements are present during the entire calculation,
but not yet deposited bead elements have low Young’s modulus and thermal conductivity, while
thermal strains can be taken as zero. Rhodin [62], Robertson and Svedman [79] emphasized that
extremely reducing Young’s modulus and thermal conductivity can cause numerical problems and a
reduction of two orders of magnitude is sufficient. The material model is modified as temperature
cools below the reference temperature of the filler material and strains start to evolve.
On the other hand, weld bead elements contribute a near-zero stiffness (or conductivity) value to
the overall matrix in the case of inactive element technique. It is also widely called as element ‘birth
and death’ procedure that regards the contribution of each element during the analysis. All the
solution-dependent state variables are set to zero as the element is in liquid phase while a deactivated
element does not contribute to the overall mass (or capacitance) matrix. In the mechanical analysis,
the elements are activated in an undeformed state without any strains. During cooling, stiffness and
yield strength increase, whilst strains start to evolve. However, if active elements are surrounded by
inactive elements, then these elements can become highly distorted at the time of their activation [72]
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which results in numerical problems. Lindgren [8] concluded that the quiet element technique can be
preferred for plane stress models and three-dimensional models, where filler material addition is
present in each time step as the heat source moves in the mesh.
The developed method in ANSYS is a combination of these two presented techniques. The ‘birth
and death’ procedure is used in the thermal analysis. Numerical problems such as inverting illconditioned matrices do not occur if direct solver is used, while selecting the external active nodes for
defining convection and radiation can be automated after each weld pass activation. Element
activation and deactivation can be executed using the EALIVE and EKILL commands, respectively.
EKILL uses a stiffness matrix multiplier of 10-6 (it can be changed via ESTIF command) by default
for deactivated elements. In the mechanical analysis, the quiet element technique is implemented,
since all elements are active from the beginning of the calculation. Young’s modulus of 1000 MPa is
used for not yet deposited or melted material, while linear thermal expansion coefficient is taken as
zero to ensure thermal strain free bead elements before welding.

2.1.3.1 Transient analysis
Heat sources induce heat generation which is defined as element body force load during the
three-dimensional transient thermal analysis. Several heat source models (i.e., power density
functions in this case) are presented in the literature for heat generation [80–84]. Power density
functions require numerical scaling via maximum power density qmax, during the heat
generation process in the transient thermal analysis at each time step to fulfil the law of
conservation of energy and zero out heat generation error due to mesh formulation. Therefore,
a pre-calculation may be done first with a unit maximum power density. The ratio of net power
input absorbed by the specimen to the numerical summation of pre-calculated generated heat
over element results in the qmax scaling factor. Equation 10 describes the mathematical problem
assuming an arbitrary heat source model with power density function q(x,y,z), while Qnet
denotes the net power input, where k is thermal efficiency, U is voltage and I is current.

Qnet = kUI = 

+∞ +∞ +∞

 

−∞ −∞ −∞

q( x, y, z) dy dx dz

(10)

The double ellipsoidal heat source model introduced by Goldak et al. [80] is implemented in
the numerical framework. Equations 11 – 12 determine the power density distribution in the
front and rear quadrants for a double ellipsoidal heat source model, respectively

qf ( x, y, z ) = qmax ⋅ e

2
− 3 x2 − 3 y − 3 z2
2
2
cf
a
b2

and qr ( x, y, z ) = qmax ⋅ e
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where characteristic parameters cf, cr, b and a represent the physical dimensions of the heat
source model in each direction as shown in Figure 8. The size of front and rear ellipsoids could
be calibrated and fitted separately, while it could be applied even to simulate deep penetration
welding. Due to lack of sufficient data, Goldak et al. [80] assumed that it is reasonable to take
the distance in front of the source equal to the half of the weld width (cf = a) and the distance
behind the source equal to twice of the weld width (cr = 4a) as a first approximation. The idea
of using a double ellipsoidal heat source model instead of a single ellipsoidal one is explained
by Goldak et al. [85] as an attempt to generate typical weld pool shapes capturing the ‘digging
action of the arc’ in front and ‘slower cooling of the weld by conduction of heat into the base
metal’ at the rear. In general, it is recommended by Goldak [86] that the heat source may not
move more than half of the weld pool length within one time step to function appropriately in
three-dimensional welding simulations using the transient method.

Fig. 8 Notations and power density distribution of the double ellipsoidal heat source model.

In general, movement of heat sources is modelled using local coordinate systems (LCSYS). The
LCSYS centre represents the instantaneous position of the welding torch, while absorbed heat due to
welding is generated in the workpiece regarding the heat source model and the distances from the
centre. Modelling weld passes with linear or circular trajectories is a simple task, however, splitting
complex trajectories into linear parts manually is time consuming. Lundback [72], Robertson and
Svedman [79] developed CAD-support to facilitate simulating complex trajectories in finite element
programs MSC.Marc and ABAQUS, respectively. Points representing reference curves and welding
trajectories are generated in Computer-aided Design programs, while coordinates of points are written
to an external file, which is used by the finite element program applying user subroutines. The
disadvantage of the proposed method is manual intervention and data generation when changing
geometrical parameters, thus parametric studies cannot be carried out efficiently.
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Fig. 9 Laser sensors tracking the groove in front of the welding torch [87].

Since welding trajectories and LCSYS positions cannot be described using equations in
most of the cases, an automated Frenet-Serret frame is developed by Kollár and Kövesdi
[70] to simulate every possible trajectory. The main idea of developing such a modelling
tool comes from the idea used in welding robots. Weld quality highly depends on the
expertise and accuracy of the welder. On the contrary, applying welding robots results in
uniform quality. Robots track formerly programmed trajectories or take real-time changes
of the geometry into account using laser sensors in front of welding torches (Figure 9).
Latter makes it even possible to modify travel speed automatically. The larger the groove
is, the slower the progress is to ensure uniform penetration. The developed automated
Frenet-Serret frame is able to track any radii or changes in angles, while varying groove
size can be taken into consideration as well with dynamically changing travel speed. The
algorithm is an efficient tool to select nodes, finite elements or volumes of each pass in the
pre-processor phase. It is highly recommended to use it, because bead activation or
deactivation might be a complicated task otherwise. The approach is similar to the laser
scanning technique used in robot welding as position, inclination angle, welding direction
and speed are pre-calculated. A local coordinate system represents the position and angle
of the torch as it was described before. Solely a few initial parameters have to be defined in
arrays, such as number of starting area of the weld bead and two keypoints on the weld bead
edges. In addition, angular offset and transverse eccentricity can be defined. The area and
keypoints unequivocally determinate the initial position, angle and centre of LCSYS. All
further changes are simulated using ANG and ECC. Figure 10 shows a flow chart of the
developed algorithm. The algorithm can be divided into eleven steps as follows:
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• Step 1: Defining initial parameters in arrays, such as number of starting area of the weld bead
(AREA), two keypoints (KP01 and KP02) on the weld bead edges, angular offset (ANG) and
transverse eccentricity (ECC).
• Step 2: Retrieve reference cross-sectional area (AREF) of starting (reference) area of the weld
bead (AREA) for modulating travel speed and thus heat input.
• Step 3: As starting area of the weld bead (AREA) is added, the elements of each weld pass are
lumped into components in the pre-processor phase as common areas of weld bead volumes
unambiguously determine coherent parts.
• Step 4: The first three keypoints are generated and stored in an array for the ith weld pass. The
first keypoint (KP1) is the origin of the local coordinate system. The location of KP1 is derived
from the locations of input keypoints on the bead edges (KP01 and KP02). The second one
(KP2) is generated on the edge, it represents the positive X-axis orientation (n normal unit
vector). The third keypoint (KP3) defines the X-Y plane, the b binormal and t tangent unit
vector with KP1 and KP2, since it is in the plane of AREA.
• Step 5: In the plane of AREA all the nodes are reselected that are included in the component of
ith weld pass. The set of nodes is named as LCSYS_NODE.
• Step 6: A block of elements is selected, that contains LCSYS_NODE and the ith weld pass is
reselected. The set of elements is named as BEAD_UNIT.
• Step 7: All nodes of BEAD_UNIT elements are selected and the nodes of LCSYS_NODE are
unselected. The number of selected nodes is queried and stored in a scalar parameter (NNODE).
The new nodal set substitutes LCSYS_NODE. As long as NNODE is not equal to zero, welding
of the ith bead is not terminated and Steps 1-6 are repeated.
• Step 8: Three new keypoints (KP1’, KP2’ and KP3’, respectively) are generated along the
welding trajectory similarly as it is done in Step 2, except locations are derived from nodal
coordinates of LCSYS_NODE. Steps 1-6 are repeated for every single weld pass.
• Step 9: The CSKP command is used to define a local coordinate system by three formerly
generated keypoint locations to move it forward and rotate it in position in the solution phase.
During the thermal analysis, the time steps are calculated from instantaneous travel speed and
average element size along the welding trajectory (i.e., the distance between KP1 and KP1’). If
additional angular offset (ANG) and transverse eccentricity (ECC) is defined, CLOCAL
command is applied to define a local coordinate system relative to the active coordinate system.
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• Step 10: Retrieve cross-sectional area (AACT) of actual cross-section. Multiplying travel speed
by AREF/AACT in order to modify heat input for varying cross-sectional area along welding
trajectory.
• Step 11: Heat generation in the workpiece is simulated using the heat source model and
instantaneous welding variables. Cooling phase starts after m steps if NNODE is equal to zero.

Fig. 10 Flow chart of automated Frenet-Serret frame for welding simulations.
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The mesh size along the trajectory has to be chosen in view of the recommendation of Goldak
et al. [86]. The heat source may not move more than half of the weld pool length within one time
step to function appropriately in three-dimensional welding simulations using the transient
method. Figure 11 shows temperature fields during welding specimens with one-, two- and threedimensional trajectory (1D, 2D and 3D, respectively) using the developed automated FrenetSerret frame algorithm. In addition, travel speed, i.e., heat input, is automatically modified
(linearly changed) depending on the reference and actual cross-sectional area for each weld pass,
which is also shown in the flow chart of the automated Frenet-Serret frame (Steps 2 and 10 in
Figure 10). It is beneficial and reasonable to have the possibility of modulating heat input in the
case of three-dimensional welding trajectories where fillet size varies along the trajectory (e.g.,
Figure 11c).

Fig. 11 Schematic temperature fields during welding of a) a T-joint (1D trajectory), b) a corrugated web
girder (2D trajectory) and c) a CHS K-joint (3D trajectory) using the developed algorithm.

29

2

Development of finite element framework

2.1.3.2 Lump-pass analysis
In this section, lump-pass analysis is presented as a simplification of the formerly described
transient method. The procedure is also known as block dumping technique [37, 39] and macro
bead deposit method [43]. Yang et al. [44] developed the approach especially for shipbuilding
and repair applications. It is necessary to realize some restrictions while dealing with large
structures. These maritime structures typically consist of a huge number of longitudinal and
transverse stiffeners welded to base plates with multiple weld passes. Their results showed that
the technique is feasible and can be used for predicting residual stresses and deformations. The
methodology was successfully applied for multi-pass welding as several passes were lumped into
one large weld pass. According to their study, an average constant heat density was calculated
and applied for each group of pass elements based on welding parameters. Virtual welding time
was calculated and calibrated according to macrographs. The same approach was used by Yang
et al. [45]. Elcoate et al. [88] derived a volumetric heat density model for block dumping from a
moving heat source model and it is taken into account as a prolonged Gaussian heat source [89].
Hence, lump-pass analysis can produce a more two-dimensional temperature distribution with
less longitudinal thermal conduction in the base material. Therefore, a larger fusion boundary can
be predicted, however, the same total heat is specified.
Lump-pass analysis is also capable of predicting the effect of welding directions and sequences
as splitting lumped passes into several shorter parts. Néző [29] had a similar approach to model
transient phenomena as short blocks with prescribed temperature was moving along the welding
trajectory. The shorter the blocks, the more realistic simulation is carried out. However, lumping
is generally developed for heating up the entire weld bead in a single load step, which is cooling
to interpass temperature or ambient temperature in a few steps [90, 91]. Karlsson et al. [92]
suggested to apply four to six cooling time steps with exponentially increasing length.
The developed model in ANSYS is based on prescribing liquidus temperature on each lumped
pass as a combination of the work by Néző [29] and Dong et al. [90]. The method reduces
computational time and increases the possibility to investigate the effect of different
configurations. The approach is used for simplified modelling of thermal cutting as well. Phase
transformation reactions can be taken into consideration for heating and cooling as well in the
thermo-metallurgical-mechanical analysis. Although heating up the weld pass in one load step
results in high heating rate, except applying long term heating, thus a purely austenitic
microstructure will evolve in the bead during heating.
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2.2 Geometrically and materially nonlinear analysis with imperfections
2.2.1

Introduction

Application rules for geometrically and materially nonlinear analysis with imperfections
(GMNIA) are given in EN 1993-1-5 [93] for plated structural elements. In case of failure modes
where buckling can govern the structural behaviour, modelling of imperfections is a crucial task of
the calculation procedure. There are different possibilities to define imperfections, the most general
options are listed below:
1) Equivalent geometric imperfections, which include the effect of residual stresses and initial
geometric imperfections due to manufacturing, can be defined by functional description, such
as sine functions to represent a sine wave form as an observed imperfections shape after
manufacturing.
2) Equivalent geometric imperfections may be defined based on the appropriate eigenshapes of
the structure representing local and global buckling modes using linear bifurcation
(eigenvalue) analysis. The magnitudes of applied imperfections have recommended values
in the standard. Local and global imperfections should be combined in the model; however,
the combination of multiple imperfection shapes has smaller influence in several cases. The
buckling resistance determined using this approach is always on the safe side [94].
3) The third modelling possibility is the definition of collapse-affine imperfection shapes. A
previous GMNIA, or a measured deformed shape during a laboratory test, is required to
define the collapse shape of the analysed structure and the initial geometry is updated by this
imperfect configuration.
4) The standard also permits using geometric imperfections based on eigenshapes with
amplitudes of 80% of geometric manufacturing tolerances in a combination with residual
stresses represented by stress patterns due to manufacturing with amplitudes equivalent to
mean values.
5) The actual imperfections due to manufacturing can be used in the numerical model based on
residual stress and deformation measurements or previous manufacturing simulations.
The research aim is to develop a numerical model using the 2nd and 5th approaches for
geometrically and materially nonlinear analyses with imperfections in order to determine the load
bearing capacity of commonly used structure types in the civil engineering practice, especially in
bridges (conventional I-girders and trapezoidal corrugated web girders).
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Literature review

The literature review focuses on previous research activities conducted by researchers in the
field of geometrically and materially nonlinear analysis with imperfections and the determination
of load carrying capacity. Related to the dissertation, researches dealing with conventional Igirders with flat web and corrugated web girders are of particular interest. The most widely
applied approach is based on equivalent geometric imperfections recommended in Annex C of
EN 1993-1-5 [93]. Equivalent geometric imperfections consider initial geometric imperfections
of members as governed by geometrical tolerances, structural imperfections due to manufacturing
and erection, residual stresses and the variation of yield strength according to EN 1993-1-1 [95].
Generally, geometric properties should be taken as nominal, while all imperfections should be
based on the shapes and amplitudes as given in the standard. Recommendations on magnitudes
are given for bow imperfections of global members and global longitudinal stiffeners, local
buckling shape of panels or subpanels and imperfections of local stiffeners or flanges subjected
to twist. Equivalent geometric imperfections should be combined, and a leading imperfection
should be chosen. Accompanying imperfections may be scaled with a reduction factor of 70%.
However, these values are only rough approximations in many cases. Advanced consideration of
different imperfection types can lead to more accurate determination of the load carrying capacity.
The most remarkable researches focusing on the GMNIA of conventional I-girders with flat web
and corrugated web girders are the following:
•

Kövesdi et al. [96] investigated the combination of shear and patch loading in case of
corrugated web girders in 2010. A numerical model was developed and validated based
on experiments. Design formula for the interaction of shear and patch loading was
proposed based on a numerical parametric study.

•

In 2011, Néző [29] determined the ultimate load of full-size welded steel plate girders
using virtual manufacturing and virtual testing under three and four point bending.

•

In 2012, the interaction of patch loading (F), shear (V) and bending (M) was also studied
in [97] and [98] and design proposals were developed to take the reduction of resistance
due to combined loading conditions (F–V and F–M) into account.

•

Pasternak et al. [21] presented experimental and numerical results of manufacturing
welded I-girders under workshop conditions in 2015. The paper investigated the
influence of using different residual stress models, geometric imperfections based on
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EN 1090-2 and a combination of equivalent geometric imperfections recommended in
EN 1993-1-5 on the calculated flexural buckling resistance.
•

Kövesdi and Dunai [99] focused on the M–V–F interaction behaviour of longitudinally
unstiffened and stiffened slender steel girders in 2016.

•

In 2016, Jáger et al. investigated the bending and shear interaction behaviour of
trapezoidal corrugated web girders in [100]. The paper focused on the determination of
transverse bending moment and its effect on the load carrying capacity. Jáger et al. [101]
also developed design formulae for combined M–V–F interaction.

•

In 2017, Jáger et al. [102] proposed applicable equivalent geometric imperfections in
order to analyse the flange buckling behaviour of corrugated web girders. The developed
numerical model was validated applying a simplified residual stress model and
measured initial geometric imperfections of the flange in compression. A parametric
study was performed as well to investigate the relationship between relative slenderness
and buckling reduction factor.

•

Jáger et al. [103] analysed I-girders with unstiffened flat webs subjected to M–V
interaction in 2017. Applicability interval of the interaction resistance model of EN
1993-1-5 was investigated and a refined M–V interaction formula was proposed.

•

Jáger et al. [104] performed numerical investigations on bending and shear buckling
interaction of I-girders with slender web. The paper presented an advanced formula of
the flange contribution to the shear buckling resistance ensuring better approximation
of the computed resistances.

It can be concluded based on the literature review that only a few publications can be found
dealing with geometrically and materially nonlinear analysis using realistic imperfections based
on manufacturing simulations. The determination of residual stresses and deformations could
be beneficial for manufacturers and designers as well. In case of steel structures there are often
assembly difficulties and resistance problems due to large weld sizes, high heat inputs or poor
clamping conditions during manufacturing. These effects can result in large deformations and
residual stresses, which can reduce the resistance of structural members. Therefore, it is
required to perform advanced analyses in order to emphasize the advantages of virtual tests.
The current thesis presents examples on conventional I-girders with flat web and corrugated
web girders.
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Development of numerical approach

Virtual testing of previously manufactured specimens is an advanced application in manufacturing
and design. The numerical approach is developed for virtual testing that can be divided into nine steps.
The description below uses specific commands of ANSYS [53]; however, the approach can be used
in any general-purpose finite element program. The main steps of the algorithm are the following:
1) virtual manufacturing – modelling of cold forming, flame cutting, welding, etc.,
2) storing initial state variables (nodal residual stresses, plastic strains, equivalent plastic strains),
nodal displacements and nodal coordinates in arrays after virtual manufacturing,
3) meshing of the domains for virtual testing (a uniform mesh is recommended, while virtual
manufacturing requires a fine mesh in vicinity of welds) allowing the analyst to use different
element types, element technologies and formulations than in manufacturing simulation,
4) interpolation of initial state variables and nodal displacements based on current mesh and
nodal coordinates by using *MOPER command to operate on array parameter matrices,
5) constrain nodes of the model in a linear elastic analysis based on step 4,
6) definition of initial state variables using INISTATE command (Figure 12),
7) updating the perfect geometry of the finite element model to the deformed configuration by
adding displacements from the previous simulation in step 5 by using UPGEOM command,
8) definition of loads and boundary conditions during virtual testing,
9) performing force-controlled or displacement-controlled analysis.

*MOPER
INISTATE

Fig. 12 Redistribution of residual stresses after remeshing domains with finer finite elements.

The developed approach for virtual testing of manufactured specimens is illustrated with an
example in Figure 13. The figure shows von Mises residual stresses of a trapezoidal corrugated
web girder after each step of the manufacturing process, (i) cold forming, (ii) thermal cutting and
(iii) welding. Detail (iv) represents the redefined loads and boundary conditions during virtual
testing. Plane symmetry is assumed, while displacement load is applied in the plane of symmetry
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to model the typical experimental set-up of shear buckling tests of short, simply supported girders.
Finally, von Mises stresses, including residual stresses, are shown at (v) shear buckling failure in
Figure 13. A multilinear isotropic hardening model according to EN 1993-1-2 [69] is used in the
numerical simulations using von Mises yield criterion and associative flow rule. Thus, the material
model is identical in virtual manufacturing and virtual testing. Basically, different element types are
applicable for virtual manufacturing and virtual testing. An investigation is carried out on the
influence of different finite element types and element technologies on buckling resistance
(Appendix C). As a result, high-order hexahedral elements (SOLID186) are used in general in
virtual testing with pure displacement formulation and reduced integration after remeshing
domains. Large deflection effects are included in the static analysis. Sparse solver is used with full
Newton-Raphson method updating the stiffness matrix at each equilibrium iteration. Line search
option is activated to improve Newton-Raphson method. Stress stiffening effects are automatically
included in all geometrically nonlinear analyses [53]. Automatic time stepping is turned on to
control incremental force-controlled or displacement-controlled loading. The numerical approach is
validated by Kollár and Kövesdi [57] using experimental and numerical flexural buckling resistances
of a box section column; results are compared and the obtained difference is less than 2% by using
real material properties based on tensile tests.

Fig. 13 Steps of the developed approach for virtual testing of specimens.
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3 Development of weld process model
3.1 Introduction
Optimal welding variables and conditions of manufacturing are currently mainly determined
by experiments for standardised production. Weld process models have much importance as
experiments can be combined or fully replaced by calibrated heat source models in the region of
interest [72]. According to Lindgren [5], weld process models are coupling the physics of the
problem, the power density distribution in the weld pool and welding process parameters. Sudnik
et al. [105, 106] set up a weld process model earlier for laser beam welding taking energy
transport, vapour pressure and capillary pressure into account.
The current research program contains (i) literature review focusing on weld heat source model
generations and accompanying phenomena taken into consideration, (ii) a systematic
experimental study of small-scale test specimens using different welding variables, (iii) numerical
investigations using transient uncoupled thermo-mechanical analysis for virtual manufacturing,
(iv) a parametric study of welding variables and heat source parameters using numerical
simulation and (v) validation of the developed weld process model based on experimental results.
The current chapter introduces a weld process model, focusing on modelling the physics of heat
generation, which uses a three-dimensional heat transfer model and Goldak’s double ellipsoidal
heat source model for a metal active gas welding power source. The validation process is divided
into several steps: (i) the relationship between current and voltage is determined for solid wire and
flux cored electrodes based on large number of experimental data, (ii) a parametric study is
performed in order to determine the sensitivity of heat source parameters on fusion zone size,
transverse deformation and residual stresses, (iii) thermal efficiency and heat source model
parameters are calibrated based on fusion zone sizes of double-sided single-pass fillet welds, (iv)
the equations derived in (i) and (iii) are applied for the weld process model, which is validated based
on fusion zone sizes and residual deformations of multi-pass double-bevel groove weld, doublesided fillet weld and single-bevel groove weld. Thus, the developed weld process model provides
heat source parameters as a function of net heat input for two types of electrodes. Eventually,
selecting a wire type, travel speed and current directly defines heat source parameters. The validated
model can increase structural performance of welded joints, while reducing the need of further
experiments. The developed validation process can have significant role in the case of robotic
welding, where welding trajectory, heat input, travel speed and quality can be controlled precisely.
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3.2 Literature review
Welding is a highly nonlinear, multi-physical problem. Basically, the heat source generates
heat in the workpiece during fusion welding, which is transferred by heat conduction. The
nature of heat flow can be characterized in space by its dimensionality, namely, the phenomena
of two-dimensional and three-dimensional heat flow. Heat flow during welding (Figure 14) is
described in time by the following three phases [1]:
i. Initial phase of welding (nonstationary state): temperature is increasing around the heat source.
ii. Quasi-stationary state: temperature distribution is permanent around origin of the heat source.
iii. Cooling phase (nonstationary state): heat generation terminated and temperature decreases.
a)

b)

c)

0

T

liq

Fig. 14 a) Initial phase of welding, b) quasi-stationary state and c) cooling phase presented on a
butt-welded plate using FEM.

Quasi-stationary state can be treated easier mathematically applying a moving coordinate
system as it becomes a steady state heat flow problem. Nonstationary states need a more
complex mathematical analysis, especially in case of short welds or welded structures with
complex welding trajectories when quasi-stationary state may not evolve. Heat losses at the
surfaces are governed by convection, radiation and heat conduction for bodies in contact.
Furthermore, high concentration of heat energy may lead to local material evaporation from
the weld pool. Three distinct regions can be separated in a weldment regarding the
temperature history: fusion zone (FZ) with melting and solidification (solid-liquid state
changes), heat-affected zone (HAZ) with grain growth, recrystallization and tempering (solidsolid phase transformations) and base material (BM) with unaffected microstructure. In
addition, a partially melted zone can be distinguished between solidus (Tsol) and liquidus (Tliq)
temperatures, where liquid metal motion can be assumed as mass flow through porous
medium [107]. Liquid metal motion in the weld pool is fundamentally driven by buoyancy,
electromagnetic forces (if any), surface tension forces and arc shear stress. It is a matter of
fact that heat transfer and convective fluid flow in the weld pool affect the fusion zone size,
shape and temperature distribution in the heat-affected zone [3, 107, 108]. The weld pool
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profile also varies by a wide diversity of factors, e.g., base material, workpiece size and other
process specific variables [108]. Temperature in the weld pool centre is higher than the
temperature at the weld pool boundary. Since the density at a higher temperature would be
lower, an upward buoyancy force would occur in the centre, while a downward force would
be expected near the weld pool boundary, where the temperature is considerably lower. The
upward and downward forces inevitably produce natural convection originating from the
centre to the edge, causing an outward fluid flow [108]. The arc shear stress existence can be
explained by the fact that arc plasma contains kinetic energy and momentum [109]. Outward
shear forces evolve on the weld pool surface as the arc plasma strikes at the pool centre,
resulting in outward convective flow. Thermocapillary effect (or Marangoni convection due
to temperature-dependent surface tension) is the effect of mass transfer of fluids due to surface
tension gradient. Surface tension temperature gradient can be negative, positive or both
positive and negative across the weld pool resulting in wide and shallow, deep and narrow or
W-shaped weld pool, respectively [108]. Electromagnetic forces (or Lorentz forces) would
be present for arc welding, since electric current is flowing through the workpiece and a
magnetic field is induced; the weld pool is influenced by the magnetic field, causing an inward
convective flow [110]. Forces (with straight arrows) and fluid flows (with curved arrows) due
to each phenomenon during arc welding are shown in Figure 15.

Fig. 15 Scheme of major phenomena during arc welding assuming negative surface tension
temperature gradient.
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There is a fundamental need for better understanding the influence of certain parameters and
more precise approaches to predict the realistic behaviour during welding. Mathematical
models are used to enhance the knowledge of heat sources taking distinct effects into account.
Generally, the aim is to model the heat source as accurate as it is necessary depending on one’s
purpose. Therefore, Goldak and Akhlaghi [4] classified five generations of weld heat source
models. The fifth class is the newest and most complex. The older ones are considered as subclasses of each newer generation as latter generations include the attributes of former models.
Kollár et al. [111] summarized the applicability and the need for calibration of each weld heat
source model generation (WHSMG) in 2019. The utilization of First Generation Weld Heat
Source Models is restricted as the heat flow differential equation is solved for quasi-stationary
state in two- and three-dimensional heat flow [13, 112]. Furthermore, a few assumptions are
made such as (i) the energy input from the heat source is uniform and moves with a constant
velocity along a trajectory, (ii) all the energy is deposited into the weld at a single point, (iii)
thermal properties are temperature-independent, (iv) heat flow is governed by conduction,
meanwhile radiation and convection are ignored, in addition (v) latent heats due to phase
transformations and fusion/solidification are neglected. Second Generation Weld Heat Source
Models define distribution functions instead of solving Dirichlet problems of first generation
models. These models have to fulfil solely the heat equation; thus, power density, prescribed
flux and prescribed temperature functions belong to this class. These are mainly applied in finite
element analysis and are suitable to handle complex geometries, weld pool shapes and welding
trajectories, while temperature-dependent material properties, radiation and convection, phase
transformations and latent heats due to phase transformations, fusion and evaporation can be
considered. The most important developments of Second Generation Weld Heat Source
Models, as these are relevant for the presented finite element calculations, are the following:
•

The first innovative conception was a distributed flux model developed by Pavelic et al.
[113] in 1969 and Rykalin [114] in 1974 to model weld pools without nail-head shape
or deep penetration.

•

In 1984, Goldak et al. [80] presented hemispherical, ellipsoidal and double ellipsoidal
power density distributions. The double ellipsoidal heat source model was particularly
proposed to model both shallow penetration arc welding processes and deep penetration
laser and electron beam processes by adjusting characteristic heat source parameters
describing the power density distribution.
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Hybrid heat source models are also published, as combination of heat source models is
applicable for nonconform cases. In 2000, Nguyen et al. [81] derived a new hybrid
double ellipsoidal heat source model as a superposition of double ellipsoidal heat source
models in order to predict weld pool shape more precisely.

•

In 2011, Néző [29] performed the virtual manufacturing of full-size steel plate girders
and computational time was reduced by increasing the length of the equivalent prismatic
heat source model using prescribed temperature and the travel speed by the so-called
‘speed up’ factor.

•

Several analogous functions exist to describe the power density distribution of a double
ellipsoidal heat source. For instance, Bradac [115] used different constants in the
exponent for each direction instead of a value of 3 proposed by Goldak et al. [80] in
2012.

•

Thasanaraphan [116] performed a study on the welding characteristics of tailor welded
blank metal sheets using tungsten inert gas welding and laser beam welding in 2012. An
hourglass heat source model was developed using two superimposed conical heat source
models. Thus, fusion zone with hourglass shape due to surface tension at both top and
bottom surfaces can be simulated in the case of full penetration welds in thin metal
sheets.

•

Bendaoud et al. [117] simulated the heat transfer phenomenon during hybrid laser-metal
inert gas (MIG) welding in 2014. A combination of prescribed flux distribution model
and conical heat source model was applied for laser beam welding, while the double
ellipsoidal heat source model was implemented for modelling metal inert gas welding.

•

Chukkan et al. [82] simulated laser beam welding of stainless steel sheets using a
conical, a combination of conical and double ellipsoidal and a combination of conical
and cylindrical heat source models in 2015. Experimental validation showed that the
combination of conical and cylindrical heat source models was the most realistic in their
studies regarding predicted peak temperatures, distortions and residual stresses.

•

In 2016, Wang et al. [83] developed of a new combined heat source model for metal
active gas (MAG) welding based on a fourth-order polynomial curve fit of the
experimental fusion line. A prescribed flux distribution model was employed to take
surface heating effects into account, while a polynomial equation was used to define the
volumetric heat source with Gaussian power density distribution.
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3.3 Experiments and measurements
Small-scale welded T-joints (Figure 16) of a stator segment of a wind turbine are investigated in
the current research work. Major aim of the experimental research program is to evaluate the effects
of different filler metals, welding variables and types of welding joints on manufacturing productivity
and structural behaviour. High-cycle fatigue is crucial in the case of wind turbines; therefore, three
weld types are analysed (Figure 17) having considerably different resistance against cyclic loading:
(a) double-bevel groove weld, (b) double-sided fillet welds and (c) single-bevel groove weld.

Fig. 16 Tack welded T-joints before welding.

Fig. 17 Types of investigated T-joints: a) double-bevel groove weld, b) double-sided fillet welds
and c) single-bevel groove weld.

41

3

Development of weld process model

A number of weld passes and heat input are the investigated variables resulting in a database of
input parameters including the cross-sectional area of the fusion zones. Fusion zone size is measured
after manufacturing using macrographs. These measurements are the basis of heat source model
validation. The initial and deformed configurations of the joints are measured with a coordinatemeasuring machine at specific points, denoted by M1-M8 in Figure 17, thus, welding-induced
deformations can be calculated after using coordinate transformations. Vickers hardness tests,
microstructural analyses and temperature measurements during welding are also carried out. All the
specimens have a length of 100 mm. Steel base plates are manufactured with dimensions of
300 mm × 100 mm × 40 mm, while stiffeners are 140 mm × 100 mm × 15 mm. Plasma cutting is
used for cutting the plates. Steel grade is S355J2+N for base plates and stiffeners as well; the chemical
composition is summed up in Table 2 according to the inspection certificate. Thirty welded specimens
are manufactured altogether. The following notations are used for the joints (e.g., JTX-Y-0Z):
• JT: T-joint,
• X: – 1: double-bevel groove weld with bevel angles of 45° and a root gap of 3 mm,
– 2: double-sided fillet welds,
– 3: single-bevel groove weld with a bevel angle of 45°,
• Y: – 1: solid wire electrode,
– 2: flux cored electrode,
• 0Z: – number of specimen.
Table 2 Chemical composition of S355J2+N according to inspection certificate.
C%

Mn%

Si%

S%

P%

Cr%

Ni%

Al%

Cu%

Mo%

Nb%

V%

Ti%

N%

0.164

1.295

0.188

0.003

0.010

0.017

0.012

0.039

0.018

0.001

0.020

0.002

0.001

0.0038

A Fronius TransPuls Synergic 5000 welding power source, M21 - ArC - 18 (Corgon 18) shielding
gas and PA flat or PB horizontal-vertical welding positions are used for metal active gas (MAG)
welding. Solid wire (Esab OK Aristorod 12.50) and flux cored (Böhler Ti52 T-FD) electrodes with
diameters of 1.2 mm are used during manufacturing. Temperature-indicating crayons are used for
ensuring preheat and interpass temperatures which are both 150 °C. Ambient temperature is between
20-22 °C during the experiments. The total heat input varies between 0.60 and 2.71 kJ/mm depending
on filler metal, weld type and number of passes. Welding sequences are shown in Figures 18 – 19 for
all the specimens, while macrographs are presented in Figures 20 – 23. Three of the double-bevel
groove weld configurations are welded only on single side, however, these joints are also listed under
the corresponding tables and macrographs.
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b)

c)

d)

Fig. 18 Welding sequences for a-b) double-bevel and c-d) single-bevel groove welds.

a)

b)

c)

d)

Fig. 19 Welding sequences for a) single-pass and b-d) multi-pass welding of double-sided fillet welds.

Fig. 20 Macrographs of double-bevel groove welds: a-c) JT1-1-01 – JT1-1-03 and d-f) JT1-2-01 – JT1-2-03.

Fig. 21 Macrographs of double-sided fillet welds (single-pass welding): a-f) JT2-1-01 – JT2-1-06 and
g-l) JT2-2-01 – JT2-2-06.

Fig. 22 Macrographs of double-sided fillet welds (multi-pass welding): a-c) JT2-1-07 – JT2-1-09 and
d-f) JT2-2-07 – JT2-2-09.

Fig. 23 Macrographs of single-bevel groove welds: a-c) JT3-1-01 – JT3-1-03 and d-f) JT3-2-01 – JT3-2-03.
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Tables 3 – 6 sum up specimen notations, number of weld pass #, type of filler metal, welding
current I, voltage U, travel speed v, denoting (+) positive and (-) negative welding directions,
total heat input q = UI/v, fusion zone size AFZ based on measurements using macrographs
(Figures 20 – 23) and maximum measured transverse deformation Ux,max, respectively. Fusion
zone sizes in the tables are related to the whole joint in several cases as multi-pass welding is
used for multiple weldments. Welding variables, such as voltage, current and travel speed, are
registered during welding, therefore, total heat input is calculated.
Table 3 Welding variables, size of fusion zone and maximum transverse deformation for double-bevel groove welds.
Specimen

JT1-1-01

JT1-1-02

JT1-1-03

JT1-2-01

JT1-2-02

JT1-2-03

#
1
2
3
4
5
6
7
1
2
3
4
5
6
7
1
2
3
4
5
6
7
1
2
3
4
5
1
2
3
4
5
1
2
3
4
5

Filler
metal
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored

I
[A]
190
281
294
269
280
280
270
190
187
246
270
280
280
270
190
281
280
270
280
280
270
240
260
250
240
240
260
240
240
240
240
250
260
260
260
260

U
[V]
17.6
28.5
28.5
27.7
28.8
28.8
27.8
18.6
18.5
25.1
27.8
28.8
28.8
27.8
18.6
28.8
29.1
27.8
28.8
28.8
27.8
22.8
23.5
23.3
23.1
23
23.5
22.7
22.7
22.7
22.7
23
23.2
23.2
23.2
23.2
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v
[mm/s]
+5.56
+5.00
+5.26
+5.26
-3.33
-4.35
-5.56
+4.35
+4.76
+5.56
+5.00
-3.70
-5.00
-5.26
+3.57
+4.55
+5.26
+5.26
-3.33
-4.17
-5.56
+4.17
+4.35
-4.76
+5.00
-5.26
+3.85
+4.00
-3.85
-4.55
-4.00
+4.55
+4.55
+5.00
+5.88
+5.56

q
[kJ/mm]
0.60
1.60
1.59
1.42
2.42
1.85
1.35
0.81
0.73
1.11
1.50
2.18
1.61
1.43
0.99
1.78
1.55
1.43
2.42
1.93
1.35
1.31
1.40
1.22
1.11
1.05
1.59
1.36
1.42
1.20
1.36
1.26
1.33
1.21
1.03
1.08

AFZ
[mm2]

Ux,max
[mm]

313

2.80

323

3.09

331

2.80

150

7.50

171

7.89

152

7.83
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Table 4 Welding variables, size of fusion zone and maximum transverse deformation for double-sided
fillet welds (single-pass welding).
Specimen
JT2-1-01
JT2-1-02
JT2-1-03
JT2-1-04
JT2-1-05
JT2-1-06
JT2-2-01
JT2-2-02
JT2-2-03
JT2-2-04
JT2-2-05
JT2-2-06

#
1
2
1
2
1
2
1
2
1
2
1
2
1
2
1
2
1
2
1
2
1
2
1
2

Filler
metal
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored

I
[A]
270
270
221
221
315
315
239
229
280
261
305
280
282
282
210
210
311
311
265
265
232
232
311
270

U
[V]
28.5
28.5
20.6
20.6
29.6
30.3
23.5
23.5
28.4
28.5
29.7
29.7
22.9
22.9
20.9
20.5
23.7
24
23.6
23.6
22.5
22.5
23.9
23.3

v
[mm/s]
+4.00
-4.00
+2.13
-2.32
+4.17
-4.55
+3.70
-3.33
+4.00
-3.85
+4.77
-4.17
+2.92
-4.00
+2.94
-3.33
+5.00
-5.00
+4.17
-4.35
+3.57
-3.70
+4.55
-4.17

q
[kJ/mm]
1.92
1.92
2.14
1.96
2.24
2.10
1.52
1.62
1.99
1.93
1.90
1.99
2.21
1.61
1.49
1.29
1.47
1.49
1.50
1.44
1.46
1.41
1.63
1.51

AFZ
[mm2]
69
74
61
59
85
85
55
50
71
68
75
74
67
56
43
39
45
47
41
44
38
43
51
49

Ux,max
[mm]
3.35
0.46
2.35
1.36
1.60
1.87
0.72
1.82
0.60
0.58
0.66
0.88

Deformations due to welding differ in a great extent in the case of the presented weld types, as
the number of weld passes, total heat input and single/double sided welding have a large influence
on residual strain distributions. The most important component of deformations is the transverse
deformation of the top due to angular distortion; the base plates are much stiffer; thus, vertical
deformations are quasi-zero. Maximum transverse deformations Ux,max and the cross-sectional area
of the fusion zone AFZ for every single case are shown in Figure 24; measurements are sorted in
groups regarding the weld types. Maximum transverse deformations at the top of the specimens are
evaluated regarding the weld type and the cross-sectional area of the fusion zone. Specimen JT3-103 with single-bevel groove weld (SBGW) has not been taken into account in the assessment
process as tack welds have fractured during transportation. The plates are repositioned, and new
tack welds are laid; therefore, the measurements of the deformed configuration cannot be used for
deformation calculations. In addition, JT1-2-01, JT1-2-02 and JT1-2-03 T-joints are manufactured
with single-bevel groove welds instead of double-bevel groove welds (DBGW), hence, they are
treated as JT3 specimens. Linear trendlines are marked with dashed lines showing that multi-pass
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welding of double-sided fillet welds (DSFW-M) is the most effective configuration in order to
minimize deformations. Slightly larger transverse deformations are characteristic for larger fusion
zones regarding the whole joint in the case of joints with double-sided fillet welds with single weld
passes (DSFW-S) and double-bevel groove welds. Obviously, single-bevel groove welds are the
worst configurations resulting in the largest deformations.

Fig. 24 Fusion zone size vs. maximum transverse deformations.

A linear regression analysis is carried out using the least squares method to determine the
relationship between AFZ and the total heat input q = UI/v, marked with continuous solid lines in
Figure 25, for double-sided fillet welds with single weld passes. Error bars are denoting the standard
deviation of discrepancies (s = 7.58 mm2 and 3.95 mm2 for solid wire and flux cored electrodes,
respectively) between measured data and corresponding values of the regression line due to
uncertainties in welding variables as arc length and travel speed are not constant during welding.
Nevertheless, the slopes of continuous lines are different which means that the size of fusion zone is
smaller in the case of flux cored electrodes by using the same total heat input. Different thermal
efficiencies and the protective slag formed over the weld, which is removed when using flux cored
electrodes, might be an explanation of the obtained discrepancies.

Fig. 25 Fusion zone size vs. total heat input.
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Table 5 Welding variables, size of fusion zone and maximum transverse deformation for double-sided
fillet welds (multi-pass welding).
Specimen

JT2-1-07

JT2-1-08

JT2-1-09

JT2-2-07

JT2-2-08

JT2-2-09

#
1
2
3
4
1
2
3
4
5
6
1
2
3
4
5
6
7
8
9
10
11
12
1
2
3
4
1
2
3
4
5
6
1
2
3
4
5
6
7
8
9
10
11
12

Filler
metal
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored

I
[A]
278
262
276
278
276
257
267
277
262
259
274
269
265
262
260
264
260
260
255
260
267
263
270
270
270
266
253
253
245
248
245
245
240
235
242
242
242
242
242
241
231
248
240
249

U
[V]
27.9
27.9
27.8
27.8
28.3
28.2
28.2
27.4
26.5
26.5
28.1
28.5
26.9
27
26.2
26.9
26.6
26.6
26.6
26.6
26.6
26.7
23.9
23.9
23.9
23.8
23.1
23.1
22.8
22.7
22.8
22.4
22.3
22.1
22.2
22.2
22
22
22
22.4
22.5
22.7
22.7
22.6
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v
[mm/s]
+8.33
+7.69
-3.85
-3.45
+6.67
+6.67
-5.88
-6.25
+5.56
-5.56
+6.67
+7.14
-7.69
-7.14
+6.67
+7.14
+7.14
-6.67
+7.69
-3.45
+5.88
-5.88
+6.67
+8.33
+4.55
+5.26
+6.25
+7.14
+5.88
+6.25
+5.88
+4.76
+5.88
+6.67
+7.14
+7.14
+6.25
+6.25
+6.67
+5.88
+5.88
+6.25
+6.25
+5.88

q
[kJ/mm]
0.93
0.95
1.99
2.24
1.17
1.09
1.28
1.21
1.25
1.23
1.15
1.07
0.93
0.99
1.02
0.99
0.97
1.04
0.88
2.00
1.21
1.19
0.97
0.77
1.42
1.20
0.94
0.82
0.95
0.90
0.95
1.15
0.91
0.78
0.75
0.75
0.85
0.85
0.80
0.92
0.88
0.90
0.87
0.96

AFZ
[mm2]

Ux,max
[mm]

94
+
95

1.53

114
+
125

1.63

193
+
197

0.99

63
+
68

0.58

90
+
86

0.72

133
+
136

0.32
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Table 6 Welding variables, size of fusion zone and maximum transverse deformation for single-bevel
groove welds.
Specimen
JT3-1-01

JT3-1-02

JT3-1-03

JT3-2-01

JT3-2-02

JT3-2-03

#
1
2
3
4
1
2
3
4
1
2
3
4
1
2
3
4
5
1
2
3
4
5
1
2
3
4

Filler
metal
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored

I
[A]
280
280
280
270
280
281
280
270
280
280
280
270
260
238
245
242
250
281
250
260
254
270
281
280
270
270

U
[V]
28.1
28.1
28.1
27.8
28.1
28.2
28.5
27.2
28.2
28.5
28.1
27.2
23.1
23
23
23.1
22.9
23
23.5
23.2
23.2
23.2
23
23.2
23.2
23.2

v
[mm/s]
+3.85
+3.85
+3.85
+5.00
+5.00
+5.00
+2.94
+5.00
+3.33
+3.44
+5.00
+5.00
+3.85
+3.13
+5.00
+4.17
+5.00
+3.85
+3.57
+5.26
+4.55
+5.00
+3.85
+3.57
+3.33
+5.26

q
[kJ/mm]
2.04
2.04
2.04
1.50
1.57
1.58
2.71
1.47
2.37
2.32
1.57
1.47
1.56
1.75
1.13
1.34
1.15
1.68
1.65
1.15
1.30
1.25
1.68
1.82
1.88
1.19

AFZ
[mm2]

Ux,max
[mm]

175

9.39

177

12.68

186

12.07

158

8.85

158

9.99

143

7.99

Temperature is measured by a thermocouple and an infrared thermal camera during welding. The
camera uses a fixed value for emissivity; therefore, a code is developed to calibrate the measurements
of the camera using data recorded by a thermocouple. The measurement range of Type K
(Chromel/Alumel) thermocouples is -200 °C – 1200 °C, while the sensitivity is around 41 µV/°C.
Thermoelectric voltages are converted to temperatures via a Thermo-MXBoard thermocouple adapter
and a QuantumX MX840A data acquisition system, which operates as a universal amplifier. The
temperature variation in time is plotted, therefore, real-time monitoring of fixed points is possible
during experiments. A ThermoProTM TP8S infrared thermal camera with high-temperature filter is
part of the measurement system as well. It uses a focal plane array uncooled microbolometer with 384
× 288 pixels. Its spectral range is 8 – 14 μm, while its sensitivity is 0.08 °C at 30 °C. The measurement
range is -200 °C – 2000 °C, whilst the operating temperature is between -20 °C and 60 °C. The
measured virtual temperatures (by the infrared thermal camera) are calibrated according to
thermocouple measurements, thus, a temperature scaling is necessary. The principle of scaling is
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having the same computed areas under the curves, provided by the infrared camera at the same
location as the thermocouple, thereunto trapezoidal rule integration is used. Surface and material
properties could be handled easily, while the temperature-dependent emissivity is also taken into
consideration.
Thermal cycles are determined for three specimens (JT1-2-01, JT1-2-02 and JT1-2-03) using a
thermocouple located 15 mm far from the stiffener in transverse direction and positioned in the
midsection longitudinally. Virtual temperatures of the infrared camera are calibrated according to
thermocouple measurements via temperature scaling for different temperature ranges. Figure 26
shows temperature measurements for a specimen, while error bars are denoting s = 20.6 °C standard
deviation of temperature differences derived from the two approaches. Hereafter, temperature scaling
factors are applied at arbitrary points for further weldments when the infrared thermal camera is used.

Fig. 26 Temperature measurements of a thermocouple and the calibrated infrared thermal camera.

Vickers hardness tests and microstructural analyses are also carried out for six specimens
(two for each type of welding joint). Location of the indentations are designated according to
EN ISO 9015-1. A ferritic and pearlitic microstructure is specific for the base material; its
hardness varies between 153 and 173 HV. The highest hardness values are measured at the
boundary of the heat-affected zone and the fusion zone. Maximum values are between 253 and
363 HV, which are below the permitted maximum hardness value (380 HV) in EN ISO 156141 for non-heat treated steels with a specified minimum yield strength between 275 MPa and
360 MPa (Group 1.2 according to ISO/TR 15608). A significant decrease of 30-110 HV can be
observed in the fusion zone. The fusion zone contains ferrite, pearlite and bainite, while a
ferritic and pearlitic microstructure is typical for the heat-affected zone with bainitic patterns in
some cases. Cooling rate is lower in the weld pool and on its surface than in the heat-affected
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zone. The so-called Δt8/5 cooling time, which is necessary for cooling from 800 °C to 500 °C,
must be shorter for the base plate as higher hardness values are measured, in the corresponding
heat-affected zone, than in the stiffener. There is no significant difference in hardness between
face and root side, except in the case of single-bevel groove welds obviously. The type of filler
metal does not have any notable influence on hardness in these cases. Hardness profiles of
double-sided fillet welds do not differ in a great extent. Hardness profiles of JT2-1-01 for face
and root sides and the points used for measurements are presented in Figure 27.

Fig. 27 a) Hardness profile for JT2-1-01 and b) points for measurements.

The weldments are manufactured by using a Fronius TransPuls Synergic 5000 welding power
source for MAG welding using constant-voltage (slightly drooping) characteristics. Direct current
and reverse polarity (DC+) are applied for the current applications. Welding current (I) and
voltage (U) are registered during welding. Thus, operating points for each weld pass, assuming
that arc length is constant, can be determined for configurations with solid wire and flux cored
electrodes as arc characteristics for different filler metals, wire diameters and shielding gases are
distinct. The solid wire electrode is Esab OK Aristorod 12.50 (EN ISO 14341-A G 42 4 M G3Si1)
and the flux cored electrode is Böhler Ti52 T-FD (EN ISO 17632-A T 46 4 P M 1 H5). The
diameter of electrodes is 1.2 mm, while shielding gas is EN ISO 14175 - M21 - ArC – 18 and gas
flow rate is 12-15 l/min. In total, eighty-two weld passes are laid using solid wire electrodes and
eighty-one weld passes are carried out applying flux cored electrodes. Hence, the number of data
points is equal to the number of weld passes in Figure 28. A linear regression analysis is carried
out using the least squares method to determine the welding current-voltage relationship for
globular and spray arc metal transfer modes, marked with continuous solid lines, for both
electrodes. Error bars are denoting standard deviations of discrepancies (s = 0.81 V and s = 0.38
V), for solid wire and flux cored electrodes, between measured data and corresponding values of
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the regression line representing the uncertainties in arc characteristic ranges, i.e., increase and
decrease of contact tip-to-workpiece distance and arc length. The current-voltage equations for
the solid wire and flux cored electrodes are given in Equations 13 – 14, respectively

U solid = 0.103I − 0.45

(13)

U flux = 0.02318I + 17

(14)

representing the operating points after linear regression analysis. These equations can be
applied in the preliminary design phase when calculating heat input. In addition, they are
implemented in the numerical model developed for the welding simulation of T-joints.

Fig. 28 Operating points and the relationship between current and voltage for solid wire and flux cored
electrodes.

3.4 Numerical model
In the current research, solid elements are used in the finite element model. A thermal solid
element with eight nodes, SOLID70, with three-dimensional thermal conduction capability is
applied for modelling the heat transfer problem. An equivalent structural solid element,
SOLID185, is used in the mechanical analysis with three translational degrees of freedom (in
nodal x, y, and z directions) at each node. Uncoupled thermo-mechanical analyses are
performed and the double ellipsoidal heat source model is used in the simulations. Temperaturedependent material properties are based on EN 1993-1-2 (Section 2.1.3.3). Thermal material
properties, such as thermal conductivity, specific heat and density are defined as given in the
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standard. However, enthalpy is considered in the simulation instead of density and specific heat,
therefore, peaks, because of latent heats due to -phase to γ-phase transformation (and vice
versa) and solidification/melting, in specific heat are handled in the numerical model in a more
convenient manner. Yield strength is set equal to 355 MPa and Young’s modulus is 210000
MPa at room temperature to describe the mechanical behaviour of the material. The required
parameters are given in Annex A of EN 1993-1-2 to describe temperature-dependent stressstrain curves. It also gives a recommendation for modelling hardening below 400 °C. A
multilinear isotropic hardening model is used in the simulations assuming the von Mises yield
criterion. Large deflection effects are also taken into account in the mechanical analysis.

3.5 Parametric study
First, a numerical parametric study is conducted which focuses on the effect of thermal
efficiency and characteristic parameters of the heat source model. Solely solid wire electrodes
are assumed in the calculations as the only aim of the investigation is to evaluate the magnitude
of differences in weld pool sizes, transverse deformations and von Mises residual stresses. The
dimensions of T-joints with double-sided fillet weld are identical to the test specimens, while
fillet size is assumed to be 5 mm. A gap size of 0.5 mm filled with ‘undeposited material’ is
modelled between the base plate and the stiffener. The model consists of 27010 finite elements.
The model geometry and finite element mesh is shown in Figure 29.

Fig. 29 Finite element model of a T-joint with double-sided fillet weld.
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The minimum number of constraints are defined to analyse a statically determinate structure.
Interpass temperature is not defined, the 2nd weld pass is laid right after the 1st weld pass with
the same welding direction. Welding variables are I = 270 A, U is calculated using Equation
13, assuming solid wire electrodes, and v = 4 mm/s. Assuming flux cored electrodes in the
calculation of voltage would only affect the heat input, while using different thermal
efficiencies has the same effect. Ambient temperature is taken as 20 °C, while preheat
temperature is 150 °C. The reference values for the characteristic parameters of Goldak’s
double ellipsoidal heat source model are a = b = cf = 2.5 mm and cr = 4cf. These parameters are
scaled in the parametric study to investigate the effect of power density distribution. Scaling
factors of 1.00, 1.50, 2.00, 2.50 and 3.00 are applied; thermal efficiency η is set to 1.00. Five
additional analyses are performed in order to analyse the influence of thermal efficiency, which
is increased in 0.10 steps from 0.60 to 1.00, while heat source parameters are set to the reference
values. Results are summarized in Tables 7 and 8. Figures 30 – 32 present the results of the
numerical parametric study. Figure 30 shows weld pool size and isothermal lines in the vicinity
of the weld in the midsection during welding of the 1st weld bead. Arrows show increasing
tendency of fusion zone size. Figure 31 sums up the transverse deformations of the joint after
cooling. Figure 32 shows von Mises residual stresses in the vicinity of the weld beads in
midsection after cooling. The plastic zones are marked in the figure with grey colour, where the
residual stress is higher than the yield strength fy, which is 355 MPa in this case.
Table 7 Size of fusion zone (AFZ,FEA) and maximum transverse deformation (Ux,max,FEA) values;
thermal efficiency η is set to 1.00.
Configuration

a)

b)

c)

d)

e)

Scaling factor [-]

1.00

1.50

2.00

2.50

3.00

AFZ,FEA [mm2]

47.5

45.5

36

12.5

0

Ux,max,FEA [mm]

1.56

1.46

1.26

0.93

0.45

Scaling the reference heat source parameters results in lower power density. Thus, weld pool
size decreases as scaling factor increases. Temperature does not even reach the liquidus
temperature, assumed to be 1500 °C, in the weld bead elements when the scaling factor is equal
to 3.00; therefore, AFZ,FEA is zero for this case. Transverse deformation of the stiffener decreases
as scaling factor increases. For instance, scaling factor of 2.00 results in a 20% decrease in
deformations in comparison to the reference configuration. Obviously, configurations d) and e)
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are erroneous as the elevated temperature is lower than liquidus temperature in the
corresponding finite elements representing the weld bead (Figure 30). On the other hand, 100%
increase in scaling factor for the first three cases results in a variation of 32% in the weld pool
size. Plastic zone size decreases as the weld pool size decreases. The signs of lack of fusion are
presented for configuration e) for instance, where several finite elements in the weld bead
remain elastic, while quasi-zero penetration is simulated in the joint.
Table 8 Size of fusion zone (AFZ,FEA) and maximum transverse deformation (Ux,max,FEA) values;
heat source parameters are set to the reference values.
Configuration

f)

g)

h)

i)

j)

η [-]

0.60

0.70

0.80

0.90

1.00

AFZ,FEA [mm2]

25

32

37

42.5

47.5

Ux,max,FEA [mm]

1.41

1.46

1.54

1.58

1.56

Variation of thermal efficiency has a similar effect as the scaling factor, because it has an
influence on power density distribution; weld pool size increases as thermal efficiency
increases. Results show that thermal efficiency and scaling factor may have a similar effect on
residual stresses and transverse deformations. However, it is important to emphasize that
sufficient power density is required to reach the reference temperature of undeposited material,
otherwise, the material model for weld bead elements remains elastic with a low Young’s
modulus. It results in quasi-zero stresses in weld beads due to lack of fusion affecting overall
residual stresses in conjunction with obtaining equilibrium of resultant internal forces and
bending moments in any section of the specimen. The variation of weld pool size is within 90%
due to 67% increase in thermal efficiency. On the other hand, transverse deformation of the
stiffener slightly increases as thermal efficiency increases; however, the variation is within 10%
due to 67% increase in thermal efficiency.

Fig. 30 Size of the fusion zone in [mm2], results of the numerical parametric study.

54

3

Development of weld process model

Fig. 31 Transverse deformations in [mm], results of the numerical parametric study.

Fig. 32 von Mises residual stresses, results of the numerical parametric study.

3.6 Calibration of finite element model
First, thermal efficiency is determined by the comparison of experimental and numerical data.
Thermocouples and infrared thermal imaging are utilized to carry out temperature measurements
during welding, as presented previously, thus, thermal cycles determined by finite element models
can be compared with experimental data. In addition, macrographs are used to evaluate the thermal
efficiency as well. Nevertheless, EN 1011-1 [118] recommends to use 0.80 as thermal efficiency,
while Radaj [2] introduced a range between 0.65 and 0.90 for metal active gas welding. The
numerical parametric study presented in the previous section shows that thermal efficiency has a
larger effect on fusion zone size than scaling the characteristic parameters of the heat source, while
the latter has a negligible effect on total (elastic and thermal) strains and temperatures further from
the weld bead as presented by Kollár and Kövesdi [119].
T-joints with double-sided fillet weld (JT2-1-06 and JT2-2-02 welded with solid wire and flux
cored electrodes, respectively) are chosen for the determination of thermal efficiency. The actual
dimensions of the joints are modelled with the corresponding fillet sizes. Fillet sizes are measured
on the macrographs for the weld beads which are single pass welded; models are built up with
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average fillet sizes. The 2nd weld pass is laid after the 1st weld pass with opposite welding direction.
Welding variables are identical to the values registered during the tests and are summed up in Table
4. Ambient temperature is 20 °C, while preheat and interpass temperatures are both taken as 150
°C. The characteristic parameters of Goldak’s double ellipsoidal heat source model are a = b = 10
mm and cr = cf = 2.5 mm for both specimens. Nodes in the stiffener in the midsection, 10 mm above
the base plate, are chosen for the comparison of experimental and numerical data as presented in
Figure 33. The figure shows the comparison of time-temperature curves based on infrared thermal
imaging (‘Measurement’) and finite element analysis (‘FEA’). The peak temperature is
approximately 700-800 °C for both cases and the cooling phenomenon is also simulated accurately.
The temperature is about 200 °C at 200 s in the case of the investigated configurations for both
approaches. The figure presents the macrograph of specimen JT2-1-06 as well and a cross-section
of the finite element model denoting the fusion zone (and the heat-affected zone in the case of
macrograph). The calibration is based on fusion zone size. The aim is to approximate the measured
fusion zone size within an arbitrary ±10% range specified for handling uncertainties in welding
variables. The cross-sectional areas of the fusion zones for specimen JT2-1-06, by measurements,
are 75 mm2 and 74 mm2 for the 1st and 2nd weld beads, respectively. In addition, fusion zone sizes
are 43 mm2 and 39 mm2 for specimen JT2-2-02. The corresponding simulated weld pool sizes are
68 mm2, 67 mm2, 42 mm2 and 37 mm2, respectively, which shows good agreement. According to
the results of the numerical parametric study the influence of thermal efficiency is already known
in the case of the actual T-joint, therefore, thermal efficiency is changed in 0.10 steps. Thermal
efficiency η of 0.90 is accepted related to the comparison of numerical and experimental data and
it is applied in the simulations hereafter for both electrodes.

Fig. 33 Determination of thermal efficiency by a) temperature measurements for flux cored and solid wire
electrodes and b) a macrograph of specimen JT2-1-06.
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Furthermore, characteristic parameters of the implemented double ellipsoidal heat source
model are calibrated for a typical range of welding variables in the case of double-sided fillet
welds with single weld passes. A total of twelve specimens are modelled in the numerical
research program. Double-sided fillet welded T-joints with single pass welds are investigated.
The actual dimensions of the joints are modelled with the corresponding fillet sizes. The
parametric model of the previous section is used in the simulations applying welding variables
according to Table 9. The table sums up welding variables, net heat input
qnet = ηUI/v, Goldak’s heat source parameter a, fusion zone sizes AFZ, AFZ,FEA based on
measurements and numerical analyses and error in simulated fusion zone size, respectively.
Voltage is calculated using Equations 13 – 14 depending on the type of filler metal. After
performing dozens of iterations, a function of heat input is developed to evaluate a and b
characteristic parameters of Goldak’s double ellipsoidal heat source model. The characteristic
parameters a and b for specimen JT2-2-02 are outliers (bold letters) in data, therefore, the
specimen is ignored when the a(qnet) polynomial function is determined. The AFZ,FEA fusion
zone sizes in the table are determined by characteristic parameters using Equation 15,

a (qnet ) = 11.094qnet 3 − 62.383qnet 2 + 117.52qnet − 60.812 [mm]; cr = cf = 2.5 mm (15)
for flux cored electrodes. The model for this configuration assumes that a = b and cr = cf = 2.5
mm regarding previous simulations of the joints. The characteristic parameters of Goldak’s
double ellipsoidal heat source model are independent of the net heat input qnet for the
configurations welded with solid wire electrode (a = b = 10 mm and cr = cf = 2.5 mm).
Obviously, small cr and cf parameters result in a requirement of dense mesh along welding
trajectory. Minimum and maximum errors are -9.9% and 9.8%, while the mean and standard
deviation of errors are -1.9% and 6.0%, respectively.
Figure 34 shows a nomogram for the developed approach. Selecting welding current, this
may be wire feed rate for MIG/MAG welding power sources, determines voltage for solid wire
or flux cored electrodes. Typical travel speeds and corresponding net heat inputs per unit length
are shown as well for the two types of filler metals. Finally, characteristic parameters are
evaluated using the curves of the figure or Equation 15. The U(I), a(qnet) and b(qnet) equations
are implemented in the finite element code for further parametric studies and the sustainable
virtual manufacturing of steel structures as a final application in the future.
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Table 9 Input and output data for the calibrated cases.
Specimen
JT2-1-01
JT2-1-02
JT2-1-03
JT2-1-04
JT2-1-05
JT2-1-06
JT2-2-01
JT2-2-02
JT2-2-03
JT2-2-04
JT2-2-05
JT2-2-06

#
1
2
1
2
1
2
1
2
1
2
1
2
1
2
1
2
1
2
1
2
1
2
1
2

Filler
metal
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored
flux cored

I
[A]
270
270
221
221
315
315
239
229
280
261
305
280
282
282
210
210
311
311
265
265
232
232
311
270

U
[V]
27.4
27.4
22.3
22.3
32.0
32.0
24.2
23.1
28.4
26.4
31.0
28.4
23.5
23.5
21.9
21.9
24.2
24.2
23.1
23.1
22.4
22.4
24.2
23.3

v
[mm/s]
4.00
-4.00
2.13
-2.32
4.17
-4.55
3.70
-3.33
4.00
-3.85
4.77
-4.17
2.92
-4.00
2.94
-3.33
5.00
-5.00
4.17
-4.35
3.57
-3.70
4.55
-4.17

qnet
[kJ/mm]
1.66
1.66
2.08
1.91
2.18
1.99
1.40
1.43
1.79
1.61
1.78
1.72
2.05
1.49
1.41
1.24
1.36
1.36
1.32
1.27
1.31
1.26
1.49
1.36

a
AFZ
AFZ,FEA Error
[mm] [mm2] [mm2]
[%]
69
67
-2.2
10
74
67
-9.9
10
61
67
9.8
10
59
64
8.5
10
85
87
2.4
10
85
83
-2.4
10
55
51
-7.9
10
50
49
-2.0
10
71
73
3.0
10
68
65
-3.8
10
75
68
-9.3
10
74
67
-9.5
10
13.5
67
68
1.5
12.5
56
51
-8.9
10.0
43
40
-7.0
10.0
39
35
-10.3
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Fig. 34 Flow chart of determining characteristic parameters for virtual manufacturing.
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3.7 Validation of finite element model
Calibration of the heat source model makes it possible to investigate the effect of additional
parameters and variants in qualitative and quantitative parametric studies and virtual
prototyping. Adaptation of a weld process model in finite element simulation-based Computer
Aided Process Planning is an innovative way to specify optimal conditions depending on the
requirements for advanced applications. The calibrated parameters for double-sided fillet welds
with single weld passes are validated using an extended set of parameters in the case of the three
types of T-joint; one from each configuration is presented here. Figure 35 shows the finite element
models of the weldments contributing in the validation process. T-joints with double-bevel groove
weld (JT1-1-03), with double-sided fillet welds using multiple passes (JT2-1-07) and with singlebevel groove weld (JT3-2-01) are studied. Models consist of 26052, 23112 and 18632 finite
elements, respectively. Welding sequences are also summed up in Figure 35 for the investigated
cases. Table 10 sums up specimen notations, input and output data. Fusion zone sizes in the table
are related to the whole joints as multi-pass welding is used for the weldments.

Fig. 35 Finite element models of a) JT1-1-03, b) JT2-1-07 and c) JT3-2-01.

Figure 36 shows the simulated fusion zones and the macrographs highlighting fusion lines with
dashed lines; liquidus temperature is assumed to be 1500 °C. Measurements and numerical results
are in a good agreement for the specimens, the absolute maximum error in the cross-sectional area
of the fusion zone is 8.8%, which is a good approximation. The calibrated double ellipsoidal heat
source model is validated for multi-pass welding using an extended set of parameters. The largest
discrepancy comes forward in the case of JT1-1-03, which is T-joint with a double-bevel groove
weld. However, the complex geometry of weld face is not taken into account in the simulations.
Neglecting the difference between the perfect and imperfect weld face geometry reduces the
difference to 1.3% as the measured fusion zone size becomes 298 mm2. On the other hand,
geometry of weld face does not have a large influence on results for the other T-joints.
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Fig. 36 Simulated and measured fusion zones for a) JT1-1-03, b) JT2-1-07 and c) JT3-2-01.
Table 10 Input and output data for validated cases.
Specimen #

JT1-1-03

JT2-1-07

JT3-2-01

1
2
3
4
5
6
7
1
2
3
4
1
2
3
4
5

Filler
metal
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
solid wire
flux cored
flux cored
flux cored
flux cored
flux cored

I
[A]
190
280
280
270
280
280
270
278
262
276
278
260
238
245
242
250

U
v
qnet
a
AFZ
AFZ,FEA Error
[V] [mm/s] [kJ/mm] [mm] [mm2] [mm2]
[%]
19.12 +3.57
0.92
10
28.39 +4.55
1.57
10
28.39 +5.26
1.36
10
331
-8.8
27.36 +5.26
1.26
10
302
(298)
(1.3)
28.39 -3.33
2.15
10
28.39 -4.17
1.72
10
27.36 -5.56
1.20
10
28.18 +8.33
0.85
10
94
86
26.54 +7.69
0.81
10
+
+
-1.3
27.98 -3.85
1.81
10
95
100
28.18 -3.45
2.04
10
23.03 +3.85
1.40
11.9
22.52 +3.13
1.54
12.7
22.68 +5.00
1.00
5.4
158
163
3.2
22.61 +4.17
1.18
9.2
22.61 +5.00
1.03
6.1

Figure 37 presents deformations of the joints after cooling in x, y and z directions for JT3-201. All the components are shown in the figure; however, transverse deformations are dominant
in this case. Specimens a)-c) in Figure 35 have maximum simulated transverse deformations of
2.19 mm (measurement: 2.80 mm), 1.02 mm (measurement: 1.53 mm) and 8.65 mm
(measurement: 8.85 mm), respectively. Results show that the double-bevel groove weld and the
double-sided fillet weld have performed well in a distortion-controlled design. Obviously, the Tjoint with single-bevel groove weld is the worst configuration in this sense. On the other hand, it
is important to highlight that throat thickness varies for the three specimens.
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Fig. 37 Deformations in [mm] for JT3-2-01 (single-bevel groove weld) in a) x, b) y and c) z directions.

The top nodes, representing the maximum transverse deformations, are selected and the evolution
of displacement are also given in Figure 38 showing the importance of different weld types. Initial
temperature is 150 °C due to preheating. Welding time varies in a function of travel speed and number
of weld passes for the validated cases. Transverse nodal displacement decreases after the 4th weld pass
for JT1-1-03 and it is alternating for JT2-1-07 because of the welding sequence shown in Figure 38.
Obviously, transverse nodal displacement increases permanently during welding for the JT3-2-01
specimen which is a T-joint with a single-bevel groove weld. Eventually, the phenomenon shown in
the figure is an unambiguous explanation for the beneficial effect of alternating welding sequence in
a distortion-controlled design. Welding on alternating sides of the stiffener may result in quasi-zero
deformations such as in the case of JT2-1-07. Completing all the weld passes on one side of the
stiffener, such as in the case of JT1-1-03, may induce a worse case regarding distortions. However, it
is important to emphasize that throat thickness varies for the specimens.

Fig. 38 Transverse displacement data as a function of time for the validated models.

A three-dimensional heat transfer model is used to predict the weld pool size in fillet and
groove weld configurations during metal active gas welding. Eventually, the developed model
is applicable to simulate the fusion zone size with fair precision in S355J2+N structural steel
weldments using M21 - ArC - 18 (Corgon 18) shielding gas, PA flat or PB horizontal-vertical
welding positions and two different electrode types.
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4 Virtual buckling tests of trapezoidal
corrugated web girders
4.1 Introduction
Application of corrugated web has significantly increased in the field of structural engineering
in the past decades due to numerous favourable properties, especially in bridges (e.g., Maupré
Viaduct and Dole Bridge in France, Hontani Bridge in Japan, Altwipfergrund Bridge in Germany
and Móra Ferenc Bridge in Hungary, etc.) [100]. Residual stresses and initial geometric
imperfections have important effect on the buckling resistance of slender plated girders.
Corrugated profiles are stiffer during construction, and corrugation increases the buckling
resistance of the web. Web stiffeners can be eliminated, or their number can be significantly
reduced. Shear buckling resistance of conventional I-girders with flat webs have been extensively
analysed previously. However, sensitivity of corrugated web girders to imperfections needs
further investigations. Plenty of investigations can also be found in the international literature
dealing with shear buckling resistance of corrugated web girders. However, influence of
manufacturing-induced residual stresses and geometric imperfections has not been investigated
and clarified yet in a detailed manner. The ‘accordion effect’ due to negligible axial stiffness and
the normal stress distribution of corrugated web girders under axial loading or bending moment
are widely investigated and well known in the design practice. The conjecture denotes that not
even longitudinal normal stresses under axial loading or bending moment may be negligible in
the web due to ‘accordion effect’, but a similar phenomenon may occur in case of weldinginduced residual stresses as well. An extended research program is executed to evaluate the
influence of manufacturing on imperfections and shear buckling resistance of corrugated web
girders. The conjecture is that residual stresses do not have a large influence, while initial
geometric imperfections could be governing in the shear buckling resistance of corrugated web
girders. Flanges should be taken into account in the calculation of bending moment resistance,
while corrugated web is supposed to resist shear. Large number of numerical and experimental
investigations can be found in the international literature analysing the shear buckling resistance
of corrugated web girders. According to the author’s knowledge, no previous studies have
evaluated the influence of manufacturing process on the stability behaviour of corrugated web
girders. Typical notations are shown in Figure 39 for girders with flat and trapezoidal corrugated
webs used in the current research.
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Fig. 39 Notations of a) conventional I-girders and b) trapezoidal corrugated web girders.

The aim of the current research program is (i) to conduct a literature review focusing on
welding-induced residual stresses, welding simulations and shear buckling resistance regarding
steel I-girders with flat and corrugated webs, (ii) to perform an experimental and numerical study
focusing on the evolution of total strains in corrugated web girders, (iii) to validate the
developed finite element model for welding simulations, (iv) to determine typical weldinginduced longitudinal residual stresses in the web and flanges, (v) to compare residual stress
pattern of corrugated web girders and conventional I-girders with flat web, (vi) to apply virtual
manufacturing as an input, supplying residual stresses and deformations, for subsequent virtual
testing in a geometrically and materially nonlinear analysis with realistic manufacturinginduced imperfections to determine the shear buckling resistance and (vii) to compare
numerical results with previously proposed design approaches.
The developed finite element model is able to virtually simulate the manufacturing process
(cold forming, thermal cutting, welding) of corrugated web girders and it is capable of simulating
thermal phenomena during manufacturing and predicting the influence of welding variables. It is
a useful tool to determine actual geometric imperfections and residual stresses which are specific
for a particular girder geometry and manufacturing method. Manufacturing imperfections are
calculated for several girders with different corrugation profiles. The obtained tendencies are
evaluated and discussed, while geometrically and materially nonlinear analysis with realistic
manufacturing imperfections is used to determine the shear buckling resistance of virtually
manufactured specimens. The effect of manufacturing-induced imperfections on shear buckling
resistance of corrugated web girders is evaluated and determined. The entire numerical simulation
process from manufacturing simulation to resistance determination is presented in this chapter,
and the advantages of applying manufacturing-induced imperfections in design are demonstrated.
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4.2 Literature review
4.2.1

Welding-induced residual stresses

Welded I-sections and H-sections with flat webs are widely used in civil engineering
structures as beams, trusses and columns. Therefore, previous investigations were focusing on
residual stresses in the past decades to reveal its influence on structural performance. The most
important researches focusing on welding-induced residual stresses and residual stress models
regarding conventional steel I-girders with flat web are the following:
•

In 1964, Nagaraja et al. [120] carried out residual stress measurements on welded H-sections
using sectioning method. They concluded that welded H-sections have similar residual
stress distributions as rolled H-sections with a larger magnitude.

•

Alpsten and Tall [121] performed similar experiments on heavy welded I-sections in 1970
involving longitudinal saw cuts across the width and through the thickness of the
components. It was concluded that the magnitude and distribution of residual stresses
greatly depend on using milling or flame-cutting on component plates (Figure 40a and b).
Flame-cutting or milling of plates may have a large influence on residual stresses and
resistances, since longitudinal residual stresses become tensile stresses on the edges that
may increase the buckling resistance. Nevertheless, major variables affecting the residual
stress distribution are size of cross-section and width to thickness ratio.

•

A couple of residual stress models have been developed for normal strength steel sections in
the past such as given in an ECCS recommendation [122], Swedish standard BSK 99 [123]
and Chinese standard [124]. The proposed longitudinal residual stress model by the ECCS
and Swedish standard are presented in Figure 40 representing characteristic parameters af1,
af2, aw1 and aw2 for bisymmetric I-sections. ECCS recommends to use flange width bf and
web height hw based parameters (af1 = 0.075bf, af2 = 0.125bf, aw1 = 0.075hw and aw2 = 0.125hw),
while the Swedish standard introduces tf and tw plate thickness-dependent characteristic
parameters (af1 = 0.75tf, af2 = 0.75tf, aw1 = 1.5tw and aw2 = 3tw). However, it has to be noted
that Swedish code gives dimension limits (tf and tw ≤ 40 mm, bf ≥ 3tf and hw ≥ 6tw), while the
ECCS recommendation is generally developed for S235 and S355 steel grades [125].
Compressive membrane residual stresses in the web and flanges (σcw and σcf) should be
determined in conjunction with obtaining equilibrium of resultant internal forces.

•

Residual stress models for high strength steel I-sections are also developed and
published by Wang et al. [126] in 2012 and Ban et al. [127] in 2014.
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In general, these residual stress models neglect the through-thickness variation of
residual stresses, which was investigated in several studies e.g., [128] and [129].
However, Alpsten and Tall [121] drew attention that it may be taken into account when
plate thickness is larger than 25 mm.

Fig. 40 Welding-induced longitudinal residual stresses a) using milling and b) flame-cutting on edges [130];
c) residual stress model of ECCS [122] and BSK 99 [123].

Obviously, these models and findings cannot be generalized for corrugated web girders,
because corrugation results in an alternating shift of the tensile zone in the vicinity of the weld.
Therefore, compressive residual stresses will not be symmetrical in an arbitrary section. In
addition, longitudinal normal stresses under axial loading or bending moment may be negligible
in the web due to ‘accordion effect’ and a similar phenomenon may occur in case of weldinginduced residual stresses as well. Previous results show that the residual stress distribution for
corrugated web girders and conventional I-girders with flat web differs significantly. Mainly
membrane residual stresses are typical for girders with slender flat web, while bending residual
stresses are dominant in corrugated web girders. Membrane residual stresses are mainly
negligible in corrugated webs, except in the vicinity of the weld. Nevertheless, dominant
compressive residual stresses may evolve in the web of an I-girder with flat web. The
knowledge on welding-induced residual stresses in corrugated web girders is strongly limited,
and only several papers are available; however, an overview of the state-of-the-art is presented:
•

In 2010, Pasternak and Kubieniec [131] showed highly nonlinear normal stress
distribution in the flanges of corrugated web girders, especially in the vicinity of the
weld, by performing strain gauge measurements during bending test. They concluded
that the observed effect can be explained by welding-induced residual stresses.
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Jáger et al. [132] and Lho et al. [133] introduced similar phenomenon by using indirect
residual stress evaluation methods.

•

Moon et al. [134] used a simplified residual stress model for lateral torsional buckling
calculations, although, the effect of eccentricities was not taken into account in the
compressive stresses. Thus, the resultant internal bending moment was not in
equilibrium in the proposed model.

•

According to the authors’ knowledge, results of direct residual stress measurements for
corrugated web girders have been solely published by Kubo and Watanabe [135] in 2017
using sectioning method. They investigated the residual stress pattern using various
corrugation profiles. Six specimens, one flat and five trapezoidal corrugated plates, were
manufactured with and without flanges to assess the impact of welding on residual stress
magnitude and distribution. The measured residual stress distributions of corrugated
steel

plates

were

presented

and

compared

with

the

flat

web

girder.

Figure 41 shows the normalized results of residual stress measurements in flanges and
the proposal of membrane (average) residual stress distribution in the web of corrugated
web girders.

Fig. 41 a) Normalized longitudinal residual stress (σz / fy) distribution in flanges of parallel folds and
b) proposal of membrane residual stress distribution in the web of corrugated web girders based on
measurements after Kubo and Watanabe [135].
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Welding simulations

Finite element analysis of welding is rarely performed in civil engineering practice. Welding
simulation of corrugated web girders is nearly missing from international literature, while
several researchers have already dealt with the welding simulation of conventional steel girders
with flat web:
•

The heat transfer problem during welding was simulated in a local model of a sinusoidal
web girder by Pasternak and Kubieniec [131] in 2010 and the size of the fusion zone
was predicted for a single-sided fillet weld.

•

Pasternak et al. [21] focused on residual stresses of S355 structural steel welded I-girders
with thick plates in 2015. Residual stress measurements were carried out for the outer
surfaces of the flanges by using x-ray diffraction technique. Welding simulation results
showed good correlation to average measured values despite observational errors.

•

Wang et al. [22] determined the longitudinal residual stresses in H-shaped steel columns after
thermal cutting and welding and an extreme condition of fire exposure using numerical
simulations in 2015. They concluded that residual stresses reduce significantly after fire
exposure.

•

Takaba et al. [136] studied the deformations induced by multi-pass welded joints for I-girder
bridges in 2015. Idealized explicit finite element method was used to model multi-pass
welding of a mock-up specimen representing an I-girder used in bridge structures. There was
good agreement between simulation and experimental results.

•

Pasternak et al. [23] proposed a combined analytical-numerical hybrid shrinkage model in
2017 for simplified welding simulations of large structural components. The approach takes
both welding-induced deformations and residual stresses into account. They proposed that the
inherent strain can be taken as the plastic strain. The method is presented on an I-girder, which
can be extended for different structural applications.

•

In 2019, Tankova et al. [137] dealt with residual stresses of welded steel I-sections,
while residual stress models were also presented. Transient thermo-mechanical analysis
was performed, and a double ellipsoidal heat source model was used in order to predict the
residual stress fields in S355 structural steel girders and some guidelines for the statistical
characterization of residual stress distribution were proposed based on international literature,
experimental and numerical results.
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Shear buckling resistance

There are several design approaches for shear buckling resistance calculation recommended
by standards, technical reports and research papers. EN 1993-1-5 [93] gives a design method
for shear resistance calculation considering shear buckling at the ultimate limit state.
Recommendations for conventional I-girders with flat webs can be found in the standard; design
resistance for shear buckling includes the contribution from the web and flanges as well.
Nevertheless, the literature review attempts to emphasize the differences of design approaches
proposed for conventional and corrugated web girders. There are numerous studies available in
the international literature dealing with the determination of the shear buckling resistance of
corrugated web girders. This is one of the most popular research topics in case of the corrugated
web girders as shear resistance is crucial and shear buckling is the dominant failure mode and
governing structural behaviour of this girder type. The most remarkable researches in this field
are briefly summarized:
•

The research on shear buckling resistance was started by Easley and McFarland [138] in
1969. They proposed a design formula for the global shear buckling resistance of the
corrugated webs considering the web as an orthotropic plate.

•

Further buckling formulae were discussed by Easley [139] in 1975. It was stated that the
failure modes may be governed by local or global shear buckling which can be calculated
using isotropic and orthotropic plate buckling theory, respectively.

•

Since then, numerous significant experimental, numerical and theoretical investigations
are executed in this topic. The shear buckling resistance of the corrugated web girders was
extensively analysed by Lindner and Aschinger [140, 141] in 1988 and 1992.

•

Significant numerical investigation was executed by Luo and Edlund [142] in 1994 and
by Yi et al. [143] in 2008 analysing the effect of different geometric parameters (web
depth hw, span length L, web thickness tw, corrugation depth a3, corrugation angle θ and
fold lengths a1 and a2) on the shear buckling resistance.

•

The research was continued by Pasternak and Hannebauer [144, 145], Eldib [146], Hassanein
and Kharoob [147], Nie et al. [148], Elkawas et al. [149], and Leblouba et al. [150]. The most
important findings in the previous investigations is that the shear buckling failure mode of a
corrugated web girder can be subdivided to three failure modes: (i) local buckling within the
folds of the corrugated plate (Fig. 42a), (ii) interactive buckling, a mixture of the local and
global buckling modes (Fig. 42b) and (iii) global buckling of the whole web panel (Fig. 42c).
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a) local buckling

b) interactive buckling

c) global buckling

Fig. 42 Types of shear buckling failure modes [150].

Large number of experimental and numerical investigations were executed, and different
design proposals were derived to determine all the three types of shear buckling failure modes.
The main part of these design methods is focusing separately on local, global and interactive
failure modes. Key parameters of the design are critical shear stresses related to global and local
buckling (τcr,g and τcr,l). Different calculation proposals are given by different researchers to
calculate these values. A comprehensive summary of these proposals can be found in [151] and
[152]. Basically, the local elastic shear buckling stress [153] based on plate buckling theory
and the global elastic shear buckling stress [139] using the orthotropic plate theory are the
principles of all the formulae and design approaches found in international literature. Several
models were proposed for local and global shear buckling, however, a research study by
Leblouba et al. [150] demonstrated that the design formula found in EN 1993-1-5 [93] is more
accurate for local and global shear buckling design. However, the largest interest within the last
years was given to the interactive behaviour. This failure mode was investigated first by Leiva
[154] and Bergfelt and Leiva [155]. A first order (n = 1) interactive formula was proposed in
Equation 16, where τcr,l, τcr,g and τcr,i are critical stresses related to local, global and interactive
shear buckling, respectively.
n


 1 
 τ

 cr,i 

n
n




=  1  +  1 
 τ cr,g 
 τ cr,l 





(16)

In 1988, Linder and Aschinger [140] proposed the same interaction formula by using n = 2
as a second order approximation and suggested a 70% limit for the nominal shear strength
reduction factor for design. Several authors confirmed the applicability of the proposed
interaction formula, but using different indices, as summed up in [151] in detail. The same
interaction equation, considering the nonlinear behaviour, was proposed by Abbas et al. [156]
in 2002 with n = 2, Shiratani et al. [157] in 2003 with n = 4 and Driver et al. [158] in 2006 with
n = 2. Notable experimental and numerical investigation was conducted by Nie et al. [148] in
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2013. An imperfection sensitivity analysis on the order of the interactive formula of Yi et al.
was studied. It was presented that the effect of the amplitude of initial geometric imperfections
on post-buckling behaviour is negligible due to the membrane effect when shear buckling
governs the failure. However, it has a significant effect when yielding governs the failure mode.
In consequence of these observations, a new shear buckling curve was proposed which belongs
to a realistic initial imperfection amplitude (hw/200) with n = 0.7 in the interaction formula.
Another notable research program was executed by Hassanein et al. [159] in 2013 on the
applicability of the formulae proposed by Yi et al. The quality of the web-to-flange junction
was analysed and stated that a realistic support condition is nearly fixed (tf/tw ≥ 3.0).
Using n = 0.6 is appropriate for girders with fixed junctions and a new shear buckling resistance
formula was proposed. Hassanein et al. concluded that for simple junctions (tf/tw < 3.0) the first
order (n = 1) approximation is suitable.
Four design proposals are chosen and used for the comparison with numerical calculation
results in the current research, which design methods showed the best fit to previous test results
and numerical investigations. Annex D of EN 1993-1-5 [93] gives design rules for trapezoidal
corrugated web girders. The shear buckling resistance only takes the contribution of the web
into account, while the influence of flanges is neglected. The design proposal of Yi et al. [143]
recommends to calculate the critical shear buckling stresses related to the global and local
failure modes. Moon et al. [160] proposed the same critical stress and factor kl for local shear
buckling as Yi et al., however, the critical stress for global shear buckling uses a different kg
factor. They also proposed a design formula for the determination of interactive critical
buckling stress. Sauce and Braxtan [161] proposed a different expression for calculating the
critical stress for global shear buckling. In case of all the last three design proposals (Yi et al.,
Moon et al., Sauce and Braxtan) the relative slenderness ratios and the buckling reduction
factors should be calculated based on the proposed critical stresses and the buckling curves
recommended by EN 1993-1-5 [93]. The proposed design formulae and corresponding
parameters are summarized by Kollár and Kövesdi [162]. It can be concluded that imperfections
and residual stresses of corrugated web girders have not been investigated yet in a detailed
manner. Therefore, there is a need of a more detailed study on manufacturing-induced
imperfections of corrugated web girders and on the evaluation of their effects on shear buckling
resistance.
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4.3 Experiments and measurements
The aim of the experimental research program is to measure total strains during welding
on nine corrugated web girder specimens having three different corrugation profiles. Several
specimens with horizontal and vertical strain gauges are shown in Figure 43. The entire
measurement chain from sensor to software includes (i) KMT-LIAS-06-3-350-5EL uniaxial
strain gauges with nominal resistance of 350 Ω (temperature limit between -40 °C and +95
°C), (ii) HBM Canhead amplifier systems, (iii) HBM MGCplus data acquisition system and
(iv) a laptop for real-time visualization and saving to hard disk drive using the software
CatmanEasy. A sampling rate of 10 Hz is applied during data acquisition. HBM Z70 cold
curing adhesive is used for the strain gauge installation with temperature limit between -55
°C and +100 °C.

Fig. 43 Specimens with horizontal and vertical strain gauges.

The positions of strain gauges are shown in Figure 44. Numerical simulations have been
performed before designing the experiments. These results are only used for determining the
zones where strain gauges can be installed in order to protect them from elevated temperatures,
taking the temperature limit of strain gauges and adhesive into account. 30 strain gauges
(horizontal/vertical) are used for three specimens, while 10 strain gauges (horizontal) are
applied for each of the remaining six specimens. The strain gauges are located far from the local
heat sources in the middle of the folds. Thus, only the sum of thermal and elastic strains is
measured. Strain gauges are installed on both sides of the web (on inclined and parallel folds
as well) at the same position to measure the influence of welding-induced bending moment
during manufacturing.
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Fig. 44 Strain gauge positions on specimens using 10 and 30 strain gauges.

The analysed configurations are shown in Figure 45. The applied corrugation angles θ are
30°, 45° and 60° for the three type of specimens, respectively. Three specimens are
manufactured for each corrugation profile. All the specimens are made from S355J2+N steel
grade with a length L of 530 mm and a height of 260 mm. Flanges are manufactured from steel
plates with dimensions of 100 mm × 10 mm (bf × tf), web plates with dimensions of 260 mm ×
4 mm (hw × tw) are used, while fold lengths a1 and a2 are equal to 70 mm. Plasma cutting is used
for cutting the plates. Double-sided fillet welds are laid with fillet size of 3 mm. A REHM
Mega.Arc 450 welding power source, M21 - ArC - 18 (Corgon 18) shielding gas and Böhler
EMK 8 solid wire electrode with a diameter of 1.2 mm are used for metal active gas (135 MAG)
welding during manufacturing. PB horizontal-vertical welding position is used for the fillet
welds.

Fig. 45 Specimen geometries with corrugation angles of a) 30°, b) 45° and c) 60°.
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Interpass temperature and lengths of cooling phases are determined according to the
measured temperatures at the strain gauge positions during experiments. The aim is to keep the
temperature between 30-40 °C to limit the maximum temperatures of 90-100 °C at the strain
gauges during welding and to avoid the deterioration of the joint between the web and the strain
gauge. Greisinger GTH 1170 K type digital precision quick response thermometer is applied
that makes temperature measurement possible for single points. Ambient temperature was
between 20-21 °C during the experiments. The applied nominal welding variables are the
following: voltage is 32.6 V, current is 259 A, while wire feed speed is 6 m/min and gas flow
rate is 12-15 l/min. Average travel speed is between 9.0-11.1 mm/s, 9.3-10.4 mm/s and 7.9-8.5
mm/s for specimens with corrugation angle of 30°, 45° and 60°, respectively. Travel speed is
calculated based on measurement of overall welding time and the length of welding trajectory.
These inputs result in a total heat input of 0.76-0.93 kJ/mm, 0.81-0.91 kJ/mm and 0.99-1.07
kJ/mm, respectively. The 1st and 4th welds are welded in positive direction (+Z), while the 2nd
and 3rd welds are welded in negative direction (-Z) using a global coordinate system. The
corrugation angle θ, flange (bf × tf) and web dimensions (hw × tw), fold lengths (a1 = a2), number
of weld pass #, the corresponding welding current I, voltage U, travel speed v, denoting (+)
positive and (-) negative welding directions and total heat input q = UI/v are summarized in
Table 11 for investigating welding-induced imperfections.
Table 11 Geometrical parameters and welding variables for the investigated cases.
Specimen

θ
[°]

bf × t f
[mm × mm]

hw × tw
[mm × mm]

a1 = a2
[mm]

CWG-IMP1

30

100 × 10

260 × 4

70

CWG-IMP2

45

100 × 10

260 × 4

70

CWG-IMP3

60

100 × 10

260 × 4

70

#

I
[A]

1
2
259
3
4
1
2
259
3
4
1
2
259
3
4

U
[V]
32.6

32.6

32.6

v
[mm/s]
+11.1
-11.1
-9.1
+9.0
+10.4
-9.9
-9.3
+9.6
+8.0
-8.5
-7.9
+8.5

q
[kJ/mm]
0.76
0.76
0.93
0.94
0.81
0.85
0.91
0.88
1.06
0.99
1.07
0.99

It was assumed that a two-dimensional heat flow is specific far from the welds, hence,
temperatures are nearly the same at the opposite strain gauges. This assumption makes it
possible to filter out thermal strains when calculating elastic strains due to out-of-plane bending.
The investigated specimen geometries and heat inputs during welding are similar, therefore,
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large deviations due to thermal strains cannot be revealed. Cooling to ambient temperature
results in theoretically zero thermal strains and measured elastic strains are equal to the residual
strains. The unloaded surfaces of the plates are in two-dimensional stress state. However,
residual stresses cannot be calculated directly using the results of single uniaxial strain gauges.
Therefore, strain measurements are only used for drawing conclusions regarding the influence
of corrugation angle via total strain difference curves and to validate the finite element model
developed for welding simulation. It means, that experimental results are not used to define
typical welding-induced longitudinal residual stress patterns. They are evaluated indirectly
using the validated finite element model for different corrugation configurations.
The variation of total strain differences (Δεtot) in time, derived from opposite strain gauge
measurements (positive differences due to positive bending about local Y and Z axes) are
presented in Figure 46. Legends in both figures use the following notations (e.g., H-I-30): H/V
– horizontal/vertical strain gauge, I/P – location of the strain gauge; middle of an
inclined/parallel fold, 30/45/60 – corrugation angle in degrees. Total strain differences Δεtot,z
derived from horizontal strain gauges show that increasing the corrugation angle results in
reduced deformations due to bending about the local Y axis in parallel folds, while bending
does not have a large influence in case of inclined folds. Bending about Z axis results in total
strain differences Δεtot,y derived from vertical strain gauge results. However, based on the test
results it has only minor influence.

a)

b)
Fig. 46 Total strain differences derived from strain gauge measurements: a) horizontal (Δεtot,z) and
b) vertical (Δεtot,y) strain gauges for corrugation angles of 30°, 45° and 60°, respectively.
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The deformation of the corrugated web during welding can be explained by a schematic
presentation as shown in Figure 47a, which is based on the evaluation of strain gauge
measurements (bending strains from opposite strain gauges). The deformed shape at six
different time steps (the current location of the heat source is represented by a red elliptic
shape) and the typical force directions are presented in the figure. In the 1st time step the
concentrated heat source is heating the first inclined fold locally. It results in in-plane thermal
expansion of the fold that distorts the adjacent parallel fold. As the web behaves like a
continuous chain of elements with bending stiffness, obviously, deformations will evolve in
all the folds. As heat source reaches the second fold in the 2nd time step, thermal expansion
distorts the joint of inclined folds and the current fold. In the third and fifth fold (inclined
folds) shear strains evolve due to in-plane deformations of consecutive parallel folds
eventuating torsion in the 4th and 6th time steps. The figure unambiguously shows the
phenomenon of alternating out-of-plane bending of parallel folds about the local Y axis and
torsion of inclined folds during welding. The deformed shape of a parallel fold, corresponding
to the 5th time step, in the finite element model is shown in Figure 47b in order to verify the
theoretical background.

Fig. 47 a) Out-of-plane bending of parallel folds about the Y axis, torsion of inclined folds and
deformed shapes during welding; b) deformed shape related to 5th time step in finite element model.
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Fig. 48 Phenomena and simplified models of alternating out-of-plane bending of parallel folds about
the Z and Y axes, torsion of inclined folds and deformed shapes during welding.

Figure 48 sums up the obtained phenomena during welding of corrugated web girders. A
simplified model of a parallel fold is chosen to introduce the effect of bending about Z axis, which is
the longitudinal axis of the girder. The joint of the web and flange is modelled by simply supported
(SS) edges, while elastic support (EIz) is assumed along vertical edges due to the influence of inclined
folds. Thermal expansion of a web, which is welded momentarily, leads to curvature along Y axis as
other panels are colder and the elongation of these parts is nearly zero. Therefore, corrugated geometry
results in alternating bending about Z axis, and thus +Δεtot,y derived from opposite points. As
corrugation angle Θ increases, out-of-plane bending stiffness EIz also increases. Amplitude of out-ofplane deformations at the centre (Δc) of a parallel fold is smaller than at the edges (Δe) supported by
inclined folds. Let us assume that EIz = 0, which results in a deformed shape of a parabolic cylinder.
If EIz ≠ 0, Δe is non-zero, and the curvature along Y axis decreases; however, curvature along Z axis
and +Δεtot,z evolves. Therefore, a deformed surface of a paraboloid is specific for alternating bending
about Z axis. It is combined with alternating torsion and bending about Y axis, presented in Figure
47, which decrease curvatures along Y and Z axes (-Δεtot,y, -Δεtot,z). Therefore, as a final shape a
hyperbolic paraboloid represents the deformed shape of a parallel fold. The amplitudes of out-ofplane deformations at the centre and the edges depend on corrugation angle, fold length and plate
thickness. The presented phenomena reduce local and global deformations, which is a significant
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advantage in comparison to conventional I-girders with flat webs. Illustrations in Figures 46 – 47
only show the influence of welding and thermal expansion of the panels, while cooling and shrinkage
have the same action in the opposite direction. Figure 49 shows total strain differences in the middle
of a parallel fold during welding and cooling of a weld pass when corrugation angle is 60º. It
represents that peaks in total strain difference curves (Figure 46) denote the welding of each fold,
including thermal expansion and shrinkage of the folds during welding and cooling. Steady-state total
strain differences are present after a transient period that is required to level off temperature
differences, i.e., no additional significant curvature evolves due to thermal strain difference.

Fig. 49 a) Δεtot,y and b) Δεtot,z total strain differences during welding and cooling of a weld pass.

The following conclusions are drawn regarding the experimental tests and measurements:
i.

thermal strains can be filtered out when calculating total strain differences due to outof-plane bending in the web far from the weld;

ii.

peaks in total strain difference curves denote the welding of each parallel fold due to
trapezoidal geometry, thermal expansion and shrinkage during welding and cooling;

iii.

the trapezoidal geometry results in alternating torsion and out-of-plane bending about
Y and Z axes, that reduces local and global deformations of trapezoidal girders in
comparison to conventional I-girders;

iv.

total strain differences on inclined and parallel folds are not dominant due to out-ofplane bending about Z axis (longitudinal axis) as the deformation is not prevented in the
vertical direction, except by the bending stiffness of the flanges;

v.

total strain differences on parallel folds are dominant due to out-of-plane bending about
Y axis (vertical axis); the larger the corrugation angle θ the smaller the derived strain
difference; increase in bending stiffness EIz of inclined folds about global Z axis results
in reduced curvature;

vi.

total strain differences on inclined folds are not relevant due to out-of-plane bending
about Y axis as shear strains dominate.
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4.4 Numerical model
4.4.1

Virtual manufacturing

The same uncoupled thermo-mechanical analysis, solid element types and temperaturedependent material models are used in virtual manufacturing in the current research as in
Chapter 3. Elements with pure displacement formulation and full integration with B-bar method
are used in the vicinity of the weld, while elements with enhanced strain formulation are applied
in the remaining domains during simulating the manufacturing processes. Double ellipsoidal
heat source model is used in the simulations with reference values taken as a = 5 mm, b = 2.5
mm, cf = 2.5 mm, while cr = 10 mm. All the investigated specimens are made from S355J2+N
steel grade; therefore, yield strength is set to 355 MPa and Young’s modulus is 210000 MPa at
room temperature to describe the temperature-dependent mechanical behaviour of the material.
A multilinear isotropic hardening model is applied using the von Mises yield criterion and
associative flow rule in virtual manufacturing. Large deflection effects are also taken into
account in the analysis. Virtual manufacturing of a conventional I-girder with flat web and three
different trapezoidal corrugated web girders are investigated using finite element analysis for
parametric study and validation purposes. The corrugated web girders are identical to the test
specimens described in Section 4.3; geometries and welding variables of corrugated web girders
correspond to the experimental data summarized in Table 11. The model length is equal to 530
mm in all the cases. Web and flanges of the conventional I-girder are modelled with dimensions
of 280 mm × 4 mm (hw × tw) and 100 mm × 10 mm (bf × tf), respectively. Welding variables,
sequences and welding directions correspond to the ones used for the corrugated web girder
with corrugation angle θ = 30°. Relatively fine mesh is used near the welds, while a coarser
mesh is applied in regions far from the weld toe. Number of elements varies between 28000 61000 for the specimens. Finite element models are shown in Figure 50.

Fig. 50 Finite element models of a) conventional I-girder, corrugated web girders with θ equal to
b) 30°, c) 45° and d) 60°.
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The effect of cold forming, thermal cutting and welding is included in the virtual
manufacturing process (Figure 51). The effect of cold forming is taken into account via
defining longitudinal (axial) and transverse (hoop) residual stresses due to cold bending as
initial state variables in case of corrugated webs. A conservative residual stress model according
to Moen et al. [163] is applied in the corners, where plastic deformations are present, as shown
in Figure 51. Notations of σy,cf and σz,cf are used for axial and transverse residual stresses due
to cold forming, respectively. Eight solid elements are used through the thickness of the web to
be able to define the transverse residual stress model properly. Stresses in the components
evolve obtaining equilibrium of resultant internal forces and moments in the first time step of
the mechanical analysis; initial temperature of the specimens is assumed to be 20 °C during
cold forming. Thermal cutting of plates is included for both flat and corrugated web girders
using a simplified thermo-mechanical analysis called lump-pass analysis (Section 2.1.3.2). The
edges of the components are heated up to 1200 °C, as it is considered to be the softening
temperature, in the first time step of the thermal analysis and then cooling to ambient
temperature is modelled. The transient method is used for welding simulation assuming a
double ellipsoidal heat source model for metal active gas welding. The thermal phenomena of
the manufacturing process (i.e., thermal cutting and welding) are modelled first, then the
calculated temperature fields are applied as nodal loads in the subsequent mechanical analysis.
Ambient temperature and initial temperature of the specimens are set to 20 °C, as measured
during the manufacturing process. Girders are considered statically determinate in the
mechanical analysis; thus, three corner nodes of the lower flange are supported, that fits the
experimental layout.

a)

b)

c)

d)

Fig. 51 a) Residual stress model for cold forming and von Mises residual stresses due to
b) cold forming, c) thermal cutting and d) welding.
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Virtual testing

Solid elements are used in virtual testing as well. The same multilinear isotropic hardening model,
using von Mises yield criterion and associative flow rule, is applied in geometrically and materially
nonlinear analyses with realistic imperfections as in virtual manufacturing. High-order hexahedral
elements with twenty nodes, SOLID186, with pure displacement formulation and reduced integration
are used in virtual testing after remeshing of domains. Two elements are defined over the thickness
of plates and a uniform mesh with an average element size of hw/60 is applied. The steps of defining
residual stresses and geometric imperfections for virtual tests on a different finite element mesh are
described in Section 2.2.3. Plane symmetry is assumed, while displacement load is applied in the
plane of symmetry to model the typical experimental set-up of shear buckling tests of short, simply
supported girders (as shown previously in Figure 13). Four different geometries are studied in virtual
testing in order to determine the shear buckling resistance. A numerical study regarding the influence
of web thickness is performed and numerical results are compared with shear buckling resistance
formulae. Finite element models of the investigated geometries are shown in Figure 52, while
geometrical parameters are summarized in Table 12 showing clearly that only web thickness varies
for the three corrugated web girders (CWG-SBS1, CWG-SBS2 and CWG-SBS3), other measures
are kept constant.

a)

b)

Fig. 52 Finite element models of plated girders for virtual testing: a) conventional I-girder with flat web,
b) corrugated web girders with web thickness of 3 mm, 2 mm and 1.2 mm.
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Table 12 Geometrical parameters of plated girders for virtual testing of shear buckling resistance.
Specimen

θ
[°]

L
[mm]

bf × t f
[mm × mm]

hw × tw
[mm × mm]

a1 = a2 [mm]

CIG-SBS

–

500

150 × 20

500 × 6

–

CWG-SBS1

30

750

150 × 20

500 × 3

100

CWG-SBS2

30

750

150 × 20

500 × 2

100

CWG-SBS3

30

750

150 × 20

500 × 1.2

100

A conventional I-girder (CIG-SBS) is also modelled with a relatively thick web for comparison
purpose. Fillet welds with fillet size of 3 mm are assumed in each case. Transverse stiffeners with a
thickness of 20 mm are modelled at the supports and in the plane of loading. S355J2+N structural
steel grade is assumed for all test specimens using nominal material properties, while welding
variables are constant in the manufacturing simulations. Travel speed is set to 10 mm/s in the welding
simulation, while voltage and current are taken as 32.6 V and 259 A, respectively. The thermal
efficiency is set to 0.80 as it is the recommended value by EN 1011-1 [118] for metal active gas
welding (MAG). Heat source parameters are taken as a = 5 mm, b = 2.5 mm, cf = 2.5 mm, while cr =
10 mm in virtual manufacturing. Welding sequence and welding directions are shown in Figure 52.

4.5 Parametric study
First, a numerical parametric study is carried out using nominal material properties to reveal
the influence of heat source model parameters, thermal efficiency (i.e., net heat input) and
corrugation angle. The temporal evolution of total strains, which is the sum of elastic and
thermal strains in an elastic region neglecting creep effects is discussed for the investigated
cases. Nodes are selected representing strain gauges on both sides of the web (‘Side I’ and ‘Side
II’) according to the experimental set-up. Longitudinal residual stress (σz,res) distributions in the
web (on ‘Side I’ and ‘Side II’ surfaces) and in the flanges (on ‘Top’ and ‘Bottom’ surfaces plus
in the ‘Neutral’ plane of the plates) are demonstrated for all the analysed cases in a characteristic
cross-section (midsection of the specimens). Longitudinal stresses in upper and lower flanges
are averaged for representation purposes as flanges are assumed to be identical and the
specimens are symmetric. Nodes for time-history post-processing, the analysed cross-section
for residual stress evaluation and an example of von Mises residual stresses due to lack of fusion
are shown in Figure 53.
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Fig. 53 a) Cross-sections for residual stress evaluation and selected nodes for time-history postprocessing, b) von Mises residual stresses due to lack of fusion.

Results of heat source parameter scaling are presented in Figure 54 for specimen CWG-IMP2, the
girder with corrugation angle of 45° showing that within the range of 0.5 and 1.5, deviation in total
strains is negligible regarding the selected nodes. Thermal strains disappear as a result of cooling;
thus, residual strains are elastic for the analysed nodes. Scaling factor of 2.0 results in low power
density and thus relatively low temperatures in the weld bead. It results in lack of fusion (Figure 53)
as temperature does not reach the reference temperature. Obviously, quasi-zero stresses in the weld
bead has an effect on residual stresses in the web in conjunction with obtaining equilibrium of
resultant internal forces and bending moments in any section of the specimen. Therefore, it is not
considered in longitudinal residual stress evaluation as results are incorrect.

Fig. 54 Evolution of total strains in time using different heat source parameters. Scaling factor of 1.0 is
taken as reference for total strain deviation calculations (CWG-IMP2).
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Fig. 55 Longitudinal residual stress distribution in the web using different heat source parameter scaling
(CWG-IMP2).

Difference between longitudinal stresses in the web is negligible for the presented scaling
factors in Figure 55. Size of tensile zone in the web near the weld is practically the same ( ̴ 15
mm ̴ 3.75tw) for all the investigated cases. Significant compressive residual stress peaks ( ̴
90-140 MPa) appear around 25-30 mm ( ̴ 6.25-7.5tw) from the joint of the web and the flange.
However, nearly zero ( ̴ 25 MPa) compressive and tensile stresses are present in the middle of
the web. A slight decrease in tensile residual stresses can be observed in the case of scaling
factor equal to 1.5 in the flange near the plane of the web (Figure 56) due to lower power
density and temperature. Nevertheless, differences are negligible in the flange as well when
using various scaling factors. Welding-induced transverse bending moment results in
compressive ( ̴ 120 MPa) and tensile stresses ( ̴ 180 MPa) on the edge of the flange. Difference
in size of tensile zone in the flange is negligible ( ̴ 20-22 mm ̴ 2.0-2.2tf) for all the investigated
cases.

Fig. 56 Averaged longitudinal residual stress distribution in the flanges using different heat source
parameter scaling (CWG-IMP2).
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Changing the thermal efficiency (Figure 57), and thus net heat input, in the range of 0.65
and 0.90 results in maximum variances of 45 μm/m and 55 μm/m in total strains during welding
of specimen CWG-IMP2 (girder with corrugation angle of 45°) on Side I and Side II,
respectively. Thermal strains disappear as a result of cooling; thus, residual strains are elastic
for the analysed nodes. There is a difference of ~15 MPa in both compressive and tensile
stresses in the middle of the web due to the variation of heat input in Figure 58. Size of tensile
zone in the web near the weld differs between ̴ 12-18 mm ( ̴ 3-4.5tw). Notable compressive
residual stress peaks appear around 30 mm ( ̴ 7.5tw) from the joint of the web and the flange.
Maximum compressive stress is 100 MPa on ‘Side I’, while decrease is ̴ 30 MPa when net heat
input changes (0.90-0.65)/0.90 × 100% = 27.8%. On the other hand, maximum compressive
stress is 145 MPa on ‘Side II’, while the decrease is ̴ 20 MPa. A slight decrease in tensile
residual stresses can be observed at the ‘Bottom’ surface in the case of thermal efficiencies 0.65
and 0.7 in the flange near the plane of the web in Figure 59 due to lower power density and
temperature. The same observation is emphasized when the scaling factor is equal to 1.5 in
Figure 56. Welding-induced transverse bending moment results in compressive ( ̴ 100-140
MPa) and tensile stresses ( ̴ 120-170 MPa) on the edge of the flange far from the web which is
a ~40% change at the ‘Bottom’ and the ‘Top’ surfaces. The size of tensile zone in the flange
varies between ̴ 20-22 mm ( ̴ 2.0-2.2tf).

Fig. 57 Evolution of total strains in time using different thermal efficiencies. Thermal efficiency of 0.65
is taken as reference for total strain deviation calculations (CWG-IMP2).
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Fig. 58 Longitudinal residual stress distribution in the web using different thermal efficiencies
(CWG-IMP2).

Fig. 59 Averaged longitudinal residual stress distribution in the flanges using different thermal
efficiencies (CWG-IMP2).

Total strains for the I-girder with flat web and configurations with different corrugation angles
are shown in Figure 60. Bending moment about the longitudinal axis of the specimen due to
angular distortion results in nonuniform elastic strain distribution (compressive and tensile
residual strains as well in the range of -100 and 100 μm/m) in the corrugated webs, while its
influence on girders with flat web is negligible (only compressive residual strains with a
magnitude of around -245 μm/m). The ratio of compressive to tensile residual strains is around
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1.0 regarding absolute values for corrugated web girders. A delay in total strain peaks can be
recognized due to distinct welding trajectory and cooling phase lengths between weld passes.
Longitudinal residual stresses in the web due to welding are shown in Figure 61. Size of tensile
zones near the weld is nearly the same ( ̴ 15-20 mm ̴ 4-5 tw). Significant compressive residual
stresses ( ̴ 70-200 MPa) appear around 20-25 mm ( ̴ 5-6 tw) from the web-to-flange joint. However,
nearly zero ( ̴ 5-30 MPa) compressive and tensile stresses are present in the middle of the corrugated
webs, while only compressive stresses ( ̴ 60 MPa) are typical in this region for the I-girder. It can be
concluded based on the numerical simulations that corrugation angle and thermal efficiency may have
a large influence on residual stresses in the web; characteristic heat source parameters are of minor
importance.

Fig. 60 Evolution of total strains using different corrugation angles. The conventional I-girder with flat
web is taken as reference for total strain deviation calculations.

Fig. 61: Longitudinal residual stress distribution in the web using different corrugation angles.
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Averaged longitudinal residual stresses in the flanges due to welding are shown in Figure 62. The
magnitude of compressive stresses is ̴ 90-100 MPa in the flanges for the I-girder. Variation of
corrugation angle results in shift of maximum tensile residual stresses as the plane of the subpanel is
changing. Its influence on the tensile residual stress magnitude in the vicinity of the welds is
negligible. However, welding-induced transverse bending moment results in compressive (max. ̴ 100
MPa) and tensile stresses (max. ̴ 180 MPa) on the edges of the flange far from the weld. Tensile
stresses increase as corrugation angle increases, while compressive stresses increase simultaneously
on the other edge of the flange. Size of tensile zones near the weld is nearly the same ( ̴ 25-28 mm ̴
2.5-2.8 tf) for all the investigated cases, even for the I-girder with flat web. Results show that
corrugation angle and thermal efficiency may have a large influence on residual stresses in the flanges
as well; characteristic heat source parameters are of minor importance. Generally, it can be observed,
that welding results in mainly membrane residual stresses in case of flat web girders. However,
bending residual stresses are dominant in case of corrugated web girders, and axial membrane residual
stresses are significantly smaller in the web. Additional transverse bending moment can be also
obtained in flanges in case of corrugated web girders, which is also a specialty of this girder type.
Corrugated profile results in asymmetric residual stress pattern within the cross-sections, while
increase in the corrugation depth results in larger bending residual stresses in the flanges.

Fig. 62: Averaged longitudinal residual stress distribution in flanges using different corrugation angles.
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4.6 Validation of finite element model
Validation of the developed numerical model for welding simulation of corrugated web girders is
presented in this section. Figure 63 shows the total strains measured by strain gauges (‘Exp’) and
computed results using finite element method (‘FEM’). Results refer to the centre of subpanels in the
middle section of the analysed girders. The comparison of experimental and numerical data shows
good agreement for all the three analysed corrugation angles (30°, 45° and 60°). Effect of different
heat source parameters and heat inputs on total strains has been investigated in the parametric study
previously. Heat source parameters do not have a large influence (maximum of 25 μm/m in case of
lack of fusion), while 25% change in heat input could result in 55 μm/m variance in total strains. The
maximum difference is observed for girder with corrugation angle of 60°, which is 75 μm/m and it is
within the tolerance according to the numerical parametric study.

Fig. 63 Evolution of total strains based on measurements (‘Exp’) and simulation (‘FEM’).

4.7 Numerical results
4.7.1

Virtual manufacturing

The parametric study showed that using an appropriate combination of thermal efficiency and
heat source parameters, the welding input data have no significant influence on residual stresses if
the weld bead elements reach the reference temperature. It can be explained by the way of obtaining
equilibrium of resultant internal forces and moments. The cross-sectional area of the weld pool is
relatively small; therefore, the size of the tensile zone may differ, however, it does not affect
significantly the global equilibrium. The main requirement is to reach the reference temperature in
the weld bead during welding, thus, tensile stresses can evolve in the weld bead due to shrinkage.
Thermal efficiency is set to 0.8 according to EN 1011-1, heat source parameters are taken as a = 5
mm, b = 2.5 mm, cf = 2.5 mm, while cr = 10 mm in the following simulations. 396 to 769 load steps
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are performed for the whole manufacturing process depending on trajectory lengths, cooling
between weld passes and cooling to 20 °C to determine residual stresses. Figures 64 – 68 show inplane (vertical), out-of-plane (transverse) and total deformations, longitudinal and von Mises
residual stresses, respectively. Heat input is the same for conventional I-girder and corrugated web
girder with a corrugation angle of 30°; therefore, these figures unambiguously demonstrate the
beneficial effect of corrugation profiles regarding residual deformations. Total and out-of-plane
deformations decrease using the same heat input, as corrugation angle and effective depth of
longitudinal (parallel) folds increase to resist bending moment about the longitudinal axis of the
specimen due to angular distortion. Inclined folds and welding trajectories cross the neutral axis of
the corrugated profile that leads to alternating movement of the heat source and eventually results
in reduced deformations compared with the I-girder with flat web. Out-of-plane deformations are
between -5.2 mm and 4.4 mm for the conventional I-girder, whilst it is reduced to -1.34 mm and
2.0 mm using a corrugation angle of 60°. Results also show that larger twisting distortions due to
shear stresses may occur in case of conventional I-girders that could increase the need of corrections
after welding. The comparison of in-plane deformations also shows that a ‘waving’ pattern of local
out-of-plane deformations is typical for the flanges of corrugated web girders, which corresponds
to a typical eigenshape published in [164] and measurements introduced in [132]. However, the
phenomenon results in extra bending moments about the neutral axis of the flange and thus
additional stresses leading to nonuniform stress distribution in the flanges. Longitudinal and von
Mises residual stresses are in the vicinity of nominal yield strength near the welds in a representative
cross-section of a corrugated web girder, although, the assignation is not true for longitudinal
stresses in the whole specimen as principle stress orientations unequivocally vary due to the
corrugated web geometry. Tensile and compressive longitudinal residual stresses alternate in the
flanges of corrugated web girders depending on the flange edge-to-web distance. Cold forming
results in moderate stresses in the corners and low stresses in the subpanels.

Fig. 64 In-plane deformations in [mm] of a) a conventional girder with I-section and girders with
corrugation angles of b) 30°, c) 45° and d) 60°.
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Fig. 65 Out-of-plane deformations in [mm] of a) a conventional girder with I-section and girders with
corrugation angles of b) 30°, c) 45° and d) 60°.

Fig. 66 Total deformations in [mm] of a) a conventional girder with I-section and girders with
corrugation angles of b) 30°, c) 45° and d) 60°.

Fig. 67 Longitudinal residual stresses in [MPa] of a) a conventional girder with I-section and girders with
corrugation angles of b) 30°, c) 45° and d) 60°.

Fig. 68 von Mises residual stresses in [MPa] of a) a conventional girder with I-section and girders with
corrugation angles of b) 30°, c) 45° and d) 60°.
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The effect of each manufacturing process on longitudinal residual stresses is introduced in detail
below for conventional I-girder and a corrugated web girder with a corrugation angle of 30°. The
results of five models are presented in Figure 69: a conventional girder with flat web including the
effect of 1) welding and 2) thermal cutting plus welding and a corrugated web girder with a
corrugation angle of 30° including the effect of 3) welding, 4) thermal cutting plus welding and 5)
cold forming (CF), thermal cutting (TC) and welding (W), respectively. Conventional I-girders may
be characterized by quasi-stationary residual stress distribution, except near the ends of the specimens.
Stresses on top and bottom surfaces of the flange and on both sides of the web are practically identical
(notations correspond to Figure 53). Thermal cutting induces high tensile residual stresses on the
edges that is reduced due to welding-induced compressive stresses. The chain of manufacturing
processes does not have a large influence on compressive longitudinal residual stresses in the
investigated corrugated web girder; stresses are around 200 MPa in the flange where edge-to-web
plate distance is smaller. Obviously, cold forming does not have any effect on residual stresses in
flanges, while thermal cutting induces high stresses on the edges of flanges. On the other hand,
welding-induced longitudinal stresses are compressive and tensile on surfaces near the other edge due
to extra bending moments about the neutral axis of the flange. Thermal cutting enhances stresses
slightly in web, while cold forming has an imperceptible decreasing effect. Quasi-zero residual
stresses evolve in corrugated webs due to negligible axial stiffness (i.e., ‘accordion effect’), while
mainly compressive longitudinal residual stresses appear in flat web.
a)

c)

b)

d)

Fig. 69 Longitudinal stresses in the middle cross-section (Z = 265 mm) of an a-b) I-girder with flat and
c-d) corrugated web (θ = 30°). Same notations are used for flange and web.
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Membrane longitudinal residual stresses are also presented for conventional I-girder (CIG) and
corrugated web girders (CWG) by averaging residual stresses evaluated on both sides of the flange
and web (Figure 70). The CWG represents each specimen with a corrugation angle θ. The influence
of cold forming, thermal cutting and welding is taken into account in the diagrams presented
hereunder. Neither the size of the tensile zone in the web, nor the width of quasi-zero stress zone is
influenced by the corrugation angle in the range of θ = 30°÷60°. The variation of corrugation angle
results in shift of maximum tensile residual stresses in the flange as the plane of sub-panel is getting
closer to the edge of the flange as corrugation angle increases. However, the influence of
corrugation angle on the magnitude of tensile residual stresses is negligible, even on flange edges,
where a plastic zone is present due to thermal cutting. The longitudinal residual stress distribution
tendencies presented are in accordance with the results of Kubo and Watanabe [135].

Fig. 70 Membrane longitudinal residual stresses in the middle section (Z = 265 mm) of the specimens in
the a) flange and b) web using different corrugation angles.

4.7.2

Virtual testing

Two geometrically and materially nonlinear analyses with imperfections are carried out for each
specimen. The first analysis applies the approach using equivalent geometric imperfections (EGI).
Local out-of-plane imperfections with a magnitude of hw/200, corresponding to the first eigenshape
(shear buckling) using linear bifurcation analysis, are defined. Driver et al. [158], Hassanein and
Kharoob [147], Jáger et al. [152] proposed hw/200 as magnitude of the shear buckling eigenshape in
equivalent geometric imperfection-based design for corrugated web girders. In addition,
recommendation of EN 1993-1-5 for flat web girders is a magnitude of hw/200 as well. The second
analysis uses residual stresses and initial geometric imperfections (due to cold forming, thermal
cutting and welding) provided by the previous virtual manufacturing process. Material model of steel
is identical in the simulation of manufacturing and virtual testing (VT) as well using nominal material
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properties. Failure modes of virtually manufactured specimens are shown in Figure 71, while the
corresponding shear force – deflection curves of the investigated girders are shown in Figure 72.
Global, interactive and local shear buckling govern the failure of the investigated corrugated web
girders CWG-SBS1, CWG-SBS2 and CWG-SBS3, respectively.

Fig. 71 Computed failure modes (out-of-plane deformation).

Fig. 72 Shear force – vertical displacement curves.

Simulated shear buckling resistances using equivalent geometric imperfections (hw/200) are
consequently lower than the buckling resistances based on virtual testing of previously manufactured
specimens for the selected geometries as it is shown in the shear force – vertical displacement curves.
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Thus, the application of realistic imperfections instead of equivalent geometric imperfections
highlights the advantage of the presented advanced simulation method. In general, residual stresses
are negligible in the web of corrugated web girders as shown in previous sections. In addition, the
magnitude of real initial geometric imperfections in the web is usually much smaller than permitted
manufacturing tolerances for plate curvature (hw/80) and web distortion (hw/100) in EN 1090-2. The
applicability of equivalent geometric imperfections based on the recommendation of EN 1993-1-5
for flat web girders is presented; however, virtual manufacturing and virtual testing may ensure extra
strength in the design phase. Thus, application of equivalent geometric imperfections with a
magnitude of hw/200 gives conservative results for the investigated specimens. Simulated shear
buckling resistances are also compared with previously developed design formulae summarized in
Section 4.2.3. The comparison of calculated shear buckling resistances are given in Table 13, which
are determined according to the design proposal of the EN 1993-1-5, Yi et al. [143], Moon et al. [160]
and Sauce and Braxtan [161]. Design formulae recommended by EN 1993-1-5 provide conservative
resistances for all the four studied configurations. Shear buckling resistance determined by a
numerical model using equivalent geometric imperfections leads to resistances close to the prediction
of EN 1993-1-5, which clearly shows the overestimation of the reduction effect of residual stresses
and geometric imperfections on the resistance of girders with corrugated web. It can be also observed
that formulae of Moon et al. give larger resistance values than all the other proposed formulae. They
proposed a formula for calculating the critical stress for interactive buckling as well. The design
approaches developed by Yi et al. and Sauce and Braxtan give nearly the same shear buckling
resistance values for the analysed girders. The critical stresses for local buckling are identical for the
two approaches, while critical stresses for global buckling are slightly different.
Table 13 Shear buckling resistance based on finite element analyses and different formulae.

Shear buckling resistance [kN]
Finite element analysis
Specimen

Formulae

Equivalent
Virtual
geometric
testing
imperfection (EGI) (VT)

EN 1993-1-5

Yi et Moon
al.
et al.

CIG-SBS

572.6

602.5

536.8

CWG-SBS1

262.8

317.1

257.3

258.6 307.4

257.3

CWG-SBS2

151.3

206.8

146.3

147.3 184.5

146.3

CWG-SBS3

73.6

93.5

67.8

68.4

67.8
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Sauce
&
Braxtan

76.4

-
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5 Conclusions and future work
5.1 Conclusions
A reliable numerical modelling framework is developed to simulate arc welding processes for
civil engineering and mechanical engineering applications using a general-purpose finite element
software. The numerical approach of coupling virtual manufacturing and geometrically and
materially nonlinear analysis with manufacturing-induced imperfections, i.e., virtual testing, is
developed in order to determine the load bearing capacity of commonly used structure types.
A weld process model is developed for a metal active gas welding power source. It is calibrated
and validated based on experimental results. The relationship between welding current and voltage
for solid wire and flux cored electrodes, with diameters of 1.2 mm using a mixture of argon and
carbon dioxide as shielding gas, is determined. A numerical parametric study is performed focusing
on the effect of thermal efficiency and characteristic parameters of the double ellipsoidal heat source
model using uncoupled thermo-mechanical analysis. Results show that thermal efficiency and
scaling factor may have a similar effect on residual stresses and transverse deformations. However,
it is important to emphasize that sufficient power density is requisite to reach the reference
temperature of undeposited material, otherwise, the material model for weld bead elements remains
elastic with a low Young’s modulus. It results in quasi-zero stresses in weld beads due to lack of
fusion affecting overall residual stresses in conjunction with obtaining equilibrium of resultant
internal forces and bending moments in any section of the specimen. Thermal efficiency of the
welding process is determined by the comparison of experimental and numerical data. The heat
source parameters of the implemented double ellipsoidal heat source model are calibrated for a
typical range of welding variables in the case of double-sided fillet welds with single weld passes.
The calibrated parameters for double-sided fillet welds with single weld passes are validated for an
extended set of parameters in the case of a multi-pass welded double-bevel groove weld, doublesided fillet weld and single-bevel groove weld as well. The validated weld process model provides
heat source parameters as a function of net heat input for two types of electrodes in the region of
interest. Selecting a wire type, travel speed and current directly defines heat source parameters. The
validated model can increase structural performance of welded joints, while reducing the need of
further experiments.
Influence of manufacturing-induced imperfections on the shear buckling resistance of
corrugated web girders is investigated using virtual testing. Experimental and numerical study
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focusing on residual stress distribution is performed. Results show that the residual stress
distribution for corrugated web girders and conventional flat web I-girders are significantly
different due to the ‘accordion effect’ and due to the different welding trajectories. Mainly
membrane residual stresses are typical for girders with flat web, while bending residual stresses
dominate for corrugated web girders. Results showed, that in the flanges of corrugated web girders
there is a significant transverse bending moment due to manufacturing, which increases
compressive residual stresses. The magnitude of tensile residual stresses within the flange and the
web of a corrugated web girder is similar to flat web girders. In addition, the width of the tensile
zone in the web is independent from corrugation angle. Simulated shear buckling resistances are
compared with formulae developed for hand calculations. The presented finite element model is
applicable for the determination of initial geometric imperfections and residual stresses due to
manufacturing (cold forming, thermal cutting and welding) and it is usable for further applications
in resistance calculations. Result showed that simulated shear buckling resistances using equivalent
geometric imperfections with a magnitude of hw/200 are consequently lower than buckling
resistances based on virtual testing of previously manufactured specimens for the analysed
specimens. Results also show that application of more complex models can have significant benefits
resulting in more economical solution. Especially, in the case of corrugated web girders, where no
standardized equivalent geometric imperfections are available.

5.2 Future research work
A range of related topics are proposed for further studies using the same finite element
framework developed for virtual manufacturing and virtual testing such as:
•

performing stochastic analyses in order to focus on the differences of manual and robotic
welding and determine the influence of probability-based welding variables, varying in
time, on welding-induced imperfections and structural resistance,

•

developing and refining residual stress models using finite element method for welded
steel structures widely used in the civil engineering practice, e.g. corrugated web girders,

•

developing equivalent geometric imperfections for shear buckling of corrugated web
girders considering geometric imperfections and residual stresses for simulation-based
design,

•

developing buckling curves, performing both stochastic virtual manufacturing and
virtual testing and assuming dimensional data, material properties and welding variables
as probabilistic variables in simulations.
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6 New academic contributions
6.1 Theses
Thesis 1. A computational framework is developed and validated in a general-purpose finite
element environment for simulating arc welding processes in order to predict microstructural
changes, temperature, stress and deformation fields of steel structures during welding.
Uncoupled transient thermo-metallurgical-mechanical analyses are implemented for virtual
manufacturing. The novelty of the framework compared to other welding simulation software
packages is a built-in automated Frenet-Serret frame, which is developed and verified in order
to simulate any arbitrary three-dimensional welding trajectory and movement of a local
coordinate system representing the current location of the heat source. Heat input is
automatically modified by using this technique depending on the reference and actual crosssectional area of each weld pass during thermal analysis in accordance with the basics of weld
seam tracking techniques for robotic welding.
Related publications: [DK1] – [DK3]
Thesis 2. A novel weld process model, focusing on modelling the physics of heat generation,
is developed and validated based on large number of experimental data using a threedimensional heat transfer model and Goldak’s double ellipsoidal heat source model for a
metal active gas welding power source. Fusion zone sizes and residual deformations are
predicted in fillet and groove welds in S355J2+N structural steel weldments using a mixture
of argon and carbon dioxide as shielding gas, PA flat or PB horizontal-vertical welding
positions and two different electrode types, namely solid wire and flux cored electrodes. The
developed weld process model is novel in terms of describing the relationship between net
heat input and heat source model parameters.
Related publications: [DK1] & [DK7]
Thesis 3. An experimental research program is conducted in order to measure total strains
during welding of corrugated web girders having three different corrugation profiles. The
following conclusions are drawn based on the measurements:
a) Trapezoidal geometry of the web results in alternating torsion and out-of-plane bending
about the vertical and longitudinal axes during welding, that reduces local and global
deformations of trapezoidal web girders in comparison to conventional I-girders.
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b) Total strain differences on inclined and parallel folds are not dominant due to out-ofplane bending about the longitudinal axis as the deformation is not prevented in the vertical
direction, except by the bending stiffness of the flanges.
c) Total strain differences on parallel folds are dominant due to out-of-plane bending about
the vertical axis; the larger the corrugation angle θ the smaller the derived strain difference;
increase in bending stiffness EIz of inclined folds about global longitudinal axis results in
reduced curvature.
d) Total strain differences on inclined folds are not relevant due to out-of-plane bending
about the vertical axis as shear strains dominate.
Related publications: [DK2] & [DK8]
Thesis 4. Finite element model for welding simulation of corrugated web girders is validated
based on the evolution of total strains by laboratory test results. The following conclusions
are drawn based on the numerical simulation results:
a) Typical welding-induced longitudinal residual stress distributions in the web and flanges
of corrugated web girders are determined and compared with residual stress pattern
proposal from literature and residual stress patterns specific for conventional flat web Igirders. Results demonstrate that the residual stress distribution for corrugated web girders
and conventional I-girders are significantly different due to ‘accordion effect’ and different
welding trajectories. Mainly membrane residual stresses are typical for girders with flat
web, while bending residual stresses dominate for corrugated web girders. Membrane
residual stresses are negligible in the web for corrugated web girders, except in the vicinity
of the weld.
b) Typical residual stress distributions are presented for three different corrugation
profiles; which results are compared with conventional flat web girders. Results
demonstrate that there is a significant transverse bending moment in the flanges of
corrugated web girders due to manufacturing, which increases compressive residual
stresses.
c) Magnitude of tensile residual stresses within the flange and the web of a corrugated web
girder is similar to flat web girders. Results demonstrate that tensile zone width of the
residual stress pattern in the web is independent from corrugation angle.
Related publications: [DK2] & [DK8]
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Thesis 5. Shear buckling resistance of corrugated web girders are determined using
equivalent geometric imperfections and virtual tests considering virtual manufacturing-based
residual stresses and geometric imperfections due to cold forming, thermal cutting and
welding. Comparison of numerical results shows that using equivalent geometric
imperfections based on the recommendation of EN 1993-1-5 for flat web girders can lead to
consequently lower buckling resistance than imperfections based on virtual manufacturing in
the case of the analysed girders. It is demonstrated that the application of virtual
manufacturing and virtual testing may ensure increased shear buckling resistance in advanced
design. Reason of the obtained trend is that residual stresses are negligible in the web of
corrugated web girders; in addition, magnitude of initial geometric imperfections in the web
is generally much smaller than permitted manufacturing tolerances for plate curvature and
web distortion in the standard. However, standard-based equivalent geometric imperfection
does not consider this specialty of corrugated web girders. Related publications: [DK3] &
[DK8]

6.2 Relevant publications
Academic journal articles:
[DK1] D. Kollár, B. Kövesdi, L.G. Vigh, S. Horváth, Weld process model for simulating metal
active gas welding, International Journal of Advanced Manufacturing Technology.
102(5-8) (2019) 2063–2083. doi:10.1007/s00170-019-03302-3. Impact factor: 2.496
[DK2] D. Kollár, B. Kövesdi, Welding simulation of corrugated web girders - Part 1: Effect of
manufacturing on residual stresses and imperfections, Thin-Walled Structures. 146
(2020) 106107. doi:10.1016/j.tws.2019.04.006. Impact factor: 3.488
[DK3] D. Kollár, B. Kövesdi, Welding simulation of corrugated web girders - Part 2: Effect of
manufacturing on shear buckling resistance, Thin-Walled Structures. 141 (2019) 477–
488. doi:10.1016/j.tws.2019.04.035. Impact factor: 3.488
[DK4] B. Somodi, D. Kollár, B. Kövesdi, J. Néző, L. Dunai, Residual stresses in high-strength
steel welded square box sections, Proceedings of the Institution of Civil Engineers:
Structures and Buildings. 170 (2017) 804–812. doi:10.1680/jstbu.16.00139. Impact
factor: 0.877
[DK5] D. Kollár, B. Kövesdi, J. Néző, Numerical simulation of welding process – Application
in buckling analysis, Periodica Polytechnica Civil Engineering. 61 (2017) 98–109.
doi:http://dx.doi.org/10.3311/PPci.9257. Impact factor: 0.976
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Conference papers:
[DK6] V. Budaházy, D. Kollár, L.G. Vigh, Simulation based imperfections and their effects
on stability resistance, in: F. Wald, M. Jandera (Eds.), Stability and Ductility of Steel
Structures 2019: Proceedings of the International Colloquia on Stability and Ductility
of Steel Structures, CRC Press, Leiden, 2019: pp. 205–212.
[DK7] D. Kollár, B. Kövesdi, Validation of heat source model for metal active gas welding,
in: C. Sommitsc, N. Enzinger, P. Mayr (Eds.), Mathematical Modelling of Weld
Phenomena 12, Verlag der Technischen Universität Graz, Deutschlandsberg, Austria,
2018: pp. 53–80. doi:10.3217/978-3-85125-615-4-05.
[DK8] D. Kollár, B. Kövesdi, Effect of imperfections and residual stresses on the shear
buckling resistance of corrugated web girders, in: D. Camotim, N. Silvestre (Eds.),
Proceedings of the Eighth International Conference on Thin Walled Structures,
Lisbon, 2018: p. 20.
[DK9] D. Kollár, B. Kövesdi, Experimental and numerical simulation of welded columns, in:
B. Bauer, I. Garasic (Eds.), Proceedings of 41st International Conference Zavarivanje
– Welding 2016 - Opatija, Croatia, Hrvatsko Drustvo Za Tehniku
Zavarivanja/Croatian Welding Society, Zagreb, 2016: pp. 123–132.
[DK10] D. Kollár, B. Kövesdi, Numerical Simulation of Welding Process, in: Young Welding
Professionals International Conference, YPIC2015, Budapest, 2015: p. 6.
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Appendix A: Validation of
metallurgical-mechanical model

thermo-

The developed thermo-metallurgical-mechanical model in ANSYS [53] is validated based on
numerical results of a specific finite element software, SYSWELD [75], which provides engineering
simulation solutions for heat treatment and welding. Numerical results are compared, and the
deviations in the different numerical models are evaluated. First, 10 mm × 10 mm × 20 mm bothends-fixed bars (Cases I – VII) are investigated and differences due to modelling complex heat sources
is avoided by varying cooling and heating media. All the material properties are summarized in
Appendix B. Finally, a 2 × 50 mm × 50 mm × 4 mm butt-welded plate (Case VIII) is simulated in
both software packages and time-temperature curves are compared in the validation process. Thermometallurgical and mechanical analyses are also performed. Vickers hardness is also calculated for
validation purposes. The thermo-metallurgical-mechanical analysis is carried out in both finite
element codes with the same geometry, element type (eight-node solid elements are applied), finite
element mesh size and boundary conditions. Heat losses governed by convection and radiation are
modelled at all the surfaces. Finite element models are shown in Figure 73 with only one finite
element for the both-ends-fixed bar and with an average element size of 1 mm × 1 mm × 0.5 mm for
the butt-welded plate.

a)

b)

Fig. 73 Finite element model of a) both-ends-fixed bar and b) butt-welded plate.

The investigated bar models, the applied thermal boundary conditions (initial temperature T0,
ambient temperature Tamb, convective heat transfer coefficient hc and emissivity ε) for time intervals
and properties of the final microstructure using ANSYS and SYSWELD are summarized in Table
14. Case I is the bar model with one end fixed and the axial displacement is constrained and varies in
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time at the other end in order to model tensile tests at different elevated temperatures below Ac1,
austenite begins to form during heating at this temperature, and to verify multilinear isotropic material
model of ferrite without any phase transformation. Axial displacement increases linearly in time and
reaches 2 mm at 1000 s. Case I and Case II are identical, except Case II is considering the material
model of filler material instead of ferrite and other elevated temperatures are tested. Only mechanical
analyses are carried out since temperatures act as external nodal loads and microstructural changes
are not present in these cases; thermal strains are zero in the case of filler material. Cases III – VII are
both-ends-fixed bars assuming ferrite or filler material as initial phase and complex thermal cycles
with different heating and cooling media; however, emissivity is set to 0.8 for all the cases.
Table 14 Investigated bar mdels for the validation of thermo-metallurgical-mechanical model.
Time
interval
[s]

Tamb
[°C]

I

20
100
200
500

0-1000

–

–

II

200
500
800

0-1000

–

20

0-20
20-200
200-250
250-400

Case
#

III

IV

V

VI

VII

T0
[°C]

hc

Final microstructure
Phase
transformation

P [%]

Hardness [HV]

SYSWELD

ANSYS

SYSWELD

ANSYS

–

–

–

–

–

–

–

–

–

–

–

1500
20
1500
20

25
0
25
0

FA
AF
FA
AF

F: 100
B: 0
M: 0
TM: 0
A: 0

F: 100
B: 0
M: 0
TM: 0
A: 0

158.3

158.4

20

0-20
20-200
200-220
220-400

1500
20
1500
20

25
40
25
50

FA
AF+B
F+BA
AF+B+M

F: 9
B: 90
M: 1
TM: 0
A: 0

F: 8
B: 91
M: 1
TM: 0
A: 0

274.0

275.7

20

0-20
20-200
200-215
215-400

1500
20
1500
20

25
200
25
25

FA
AB+M
B+MF+TM
–

F: 89
B: 0
M: 0
TM: 11
A: 0

F: 89
B: 0
M: 0
TM: 11
A: 0

171.7

170.9

20

0-20
20-200
200-250
250-400

1500
20
1500
20

25
5000
25
5000

FA
AM
MTMA
AM

F: 0
B: 0
M: 100
TM: 0
A: 0

F: 0
B: 0
M: 100
TM: 0
A: 0

457.8

458.1

20

0-40
40-200
200-220
220-400

1500
20
1500
20

25
25
25
25

FMA
AF+B+M
F+B+MA
AF+B

F: 97
B: 3
M: 0
TM: 0
A: 0

F: 97
B: 3
M: 0
TM: 0
A: 0

162.0

162.2
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Four different elevated constant temperatures are modelled for Case I: 20 °C, 100 °C, 200 °C
and 500 °C. Axial stress is plotted in time; σx – t curves and Δσx differences between stresses
obtained by ANSYS and SYSWELD (‘Ref’) are also shown in Figure 74. Stress differences
(max. 4 MPa) are below ~1% for all the investigated temperatures. Stress-time curves can be
transformed into stress-strain curves in a figurative sense since axial strains depend on time as
described before. Linear and plastic behaviours can be easily distinguished in the figure. Thus,
the temperature-dependent material model implemented for ferrite is validated.

Time [s]

Time [s]

Fig. 74 Tensile tests at elevated temperatures – Case I.

Three different elevated constant temperatures are modelled for Case II: 200 °C, 500 °C and
800 °C, which are below 995 °C where austenite begins to form according to the database;
therefore, phase transformations are avoided. Axial stress is plotted in time; σx – t curves and Δσx
differences between stresses obtained by ANSYS and SYSWELD are also shown in Figure 75.
Stress differences (max. 0.7 MPa) are below ~1% for all the investigated temperatures. Thus, the
temperature-dependent material model implemented for the filler material is validated.

Time [s]

Time [s]

Fig. 75 Tensile tests at elevated temperatures – Case II.
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Temperature-time (T – t) and phase proportion-time (P – t) curves of a corner node are shown
in Figures 76 – 80 for Cases III – VII. Every hundredth data point is shown in T – t and P – t plots
for disambiguation purpose, because time increment is set to 0.1 s. ΔT and ΔP differences
between results obtained by ANSYS and SYSWELD are also shown in the figures. Phase
transformations implemented in ANSYS are validated since phase proportions of the final
microstructure and the calculated Vickers hardness values are in good agreement in Table 14
(max. 1% difference) with numerical results obtained by SYSWELD.

Fig. 76 Temperature and phase proportions in time – Case III.
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Fig. 77 Temperature and phase proportions in time – Case IV.
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Fig. 78 Temperature and phase proportions in time – Case V.
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Fig. 79 Temperature and phase proportions in time – Case VI.
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Fig. 80 Temperature and phase proportions in time – Case VII.

Case VIII belongs to the welding simulation of a butt-welded plate in ANSYS and SYSWELD
applying net heat input set to qnet = 0.7 kJ/mm, travel speed equal to v = 1.5 mm/s and a double
ellipsoidal heat source model with parameters a = 5 mm, b = 5 mm, cf = 3.33 mm and cr = 6.67 mm.
Emissivity is set to 0.8, while convective heat transfer coefficient is 25

. Time-temperature

curves are compared in Figure 82 and results show that the temperature-time curves of the
reference nodes (Figure 81) are in good agreement, there is only a slight difference is
temperature (below 10 °C). The temperature of the node marked by ‘1’ increases rapidly as the
heat source appears on the plate. As time goes by the welding torch moves forward and the
temperature of other reference nodes starts to increase as well while the nodal temperature of
‘1’ decreases as the specimen starts to cool down. The maximum temperature comes up at node
118

Appendices
‘3’. Based on the validation process, using an independent software tool it can be concluded
that the developed numerical model in ANSYS can simulate the thermal phenomena of the heat
transfer and conduction with large accuracy.

Fig. 81 Reference nodes of the butt-welded plate – Case VIII.

Fig. 82 Validation of the numerical model by temperature curves – Case VIII.
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Appendix B: Material properties
Material properties for the thermo-mechanical analysis are based on EN 1993-1-2:2005 [69].
Phase transformations and microstructural changes are not included in this case – except in the
temperature dependent specific heat – but it can be applied for welding simulations. Material
properties are defined between 20 °C and 1200 °C in the standard. Temperatures can be much
higher during welding; therefore, material properties are set as constant values above the cutoff temperature of the material, which is taken as 1200°C. Eurocode uses reduction factors for
defining temperature-dependent Young’s moduli, yield strengths and stress-strain curves. The
required parameters are given in the Annex A of EN 1993-1-2:2005 to describe stress-strain
curves at elevated temperatures. The standard also gives a recommendation for modelling
hardening below 400 °C. Poisson’s ratio is 0.3 and density is 7850 kg/m3, these are assumed to
be temperature-independent in the standard. Thermal and mechanical material properties for
S355 structural steel are shown in Figures 83 – 84.

Fig. 83 Mechanical material properties based on EN 1993-1-2:2005 [69].
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Fig. 84 Thermal material properties based on EN 1993-1-2:2005 [69].

Fig. 85 Thermal material properties of different phases based on the database of SYSWELD [75].
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Material properties and phase transformation kinetics for the thermo-metallurgical-mechanical
analysis are based on the database of SYSWELD [75]. The following phases are taken into account
for S355 structural steel: ferrite, cementite and pearlite (F), bainite (B), martensite (M), tempered
martensite (TM), austenite (A) and filler material (FM) as a fictitious phase. Phase transformations
considered during heating: ferrite/bainite/martensite/tempered martensite/ filler materialaustenite,
martensitetempered martensite and bainiteferrite. Phase transformations considered during
cooling: austeniteferrite/bainite/martensite. Phase proportions in a function of temperature and
constant thermal gradient are summarized in Figure 86; the Leblond model is used for anisothermal
phase transformations. Thermal material properties of each phase are shown in Figure 85.

a)

b)

c)

d)

e)

f)

Fig. 86 Phase transformations based on the database of SYSWELD [75]: a) ferrite, bainite, martensite or
tempered martensiteaustenite, b) filler materialaustenite, c) martensitetempered martensite or
bainiteferrite, d) austeniteferrite, e) austenitebainite, f) austenitemartensite.
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Fig. 87 Mechanical material properties of different phases based on the database of SYSWELD [75].

+100 °C/s
γ-Fe

!0

#0

α-Fe
volume
change

-6.2 °C/s

-4.7 °C/s

-200 °C/s

Fig. 88 Thermal strains depending on heating/cooling rates and microstructural changes.
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F, B, TM

M

FM

A

Fig. 89 Stress-strain curves of different phases based on the database of SYSWELD [75].

Mechanical material properties of different phases for S355 structural steel are shown in Figures
87 – 89. Figure 88 shows examples of the evolution of thermal strains during heating and cooling.
The base material transforms into austenite during heating (+100 °C/s) and it transforms into ferrite
(-4.7 °C/s), a mixture of ferrite, bainite and martensite (-6.2 °C/s) or martensite (-200 °C/s)
depending on the cooling rate. Volume change due to the difference in volume between austenite
and other phases is also denoted in the figure. The chemical composition of the base material based
on the database of SYSWELD is summarized in Table 15.
Table 15 Chemical composition of S355 structural steel based on the database of SYSWELD.
C%

Mn%

Si%

S%

P%

0.180

1.600

0.550

0.035

0.035
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Appendix C: Parametric study of element
types and element technologies - GMNIA
Numerous studies investigated the discrepancies of using tetrahedral and hexahedral solid
elements for different purposes. Automatic meshing techniques usually use tetrahedral elements or
a combination of tetrahedral and hexahedral elements as meshing complex geometries is not
feasible with hexahedral elements. A general three-dimensional domain can be decomposed into a
set of tetrahedral elements in any case. It is usual in welding simulations that thermal and
mechanical analyses use the same finite elements, i.e., the degree of the shape functions are identical
[67]. Generally, a finer mesh of low-order elements is preferred, because it performs better than a
coarser mesh using high-order elements in nonlinear problems as these elements are basically
recommended for analysing plasticity problems [165,166]. Nevertheless, low-order elements
require the reduction of volumetric integration points [68] or some extra internal degree of freedom
[53] in order to avoid volumetric locking when dealing with nearly or fully incompressible materials
(e.g., plasticity) and large plastic strains resulting from the plastic incompressibility constraint.
Volumetric locking is a severe modelling issue in the vicinity of the welds and thus reduced
integration of volumetric strains is necessary in these regions. On the other hand, low-order
elements are sensitive to shear locking in bending-dominated problems which is a possible scenario
during welding. Linear tetrahedral elements are to be avoided in such cases as they are overstiff due
to constant-strain element behaviour. In general, tetrahedral elements should have quadratic shape
functions for the displacement field according to Michaleris [67] when dealing with plasticity. For
instance, Dhingra and Murphy [167] used tetrahedral elements with midside nodes for simulating
a butt-weld. They deduced that one layer of elements over the thickness of the plate is capable of
representing pure bending with reasonable accuracy as quadratic shape functions result in a linear
variation of normal strains over the thickness. Cifuentes and Kalbag [166] concluded that the
calculated results (displacements, stresses and eigenfrequencies) and computational times of
structural analyses, using linear material properties, obtained by quadratic tetrahedral and linear
hexahedral elements were roughly equivalent. Shell elements have been widely used in
geometrically and materially nonlinear analyses with imperfections to evaluate the buckling
behaviour of specific structures. However, the modelling possibilities and limitations of using solid
elements in GMNIA simulations are not clarified yet. The current study focuses on the possibilities
regarding finite element types and element technologies using ANSYS [168].
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Shell elements have been used in geometrically and materially nonlinear analyses with
imperfections in numerous studies and projects to evaluate the buckling behaviour of steel plated
structures. Nevertheless, the modelling possibilities and limitations of using solid elements in GMNIA
is not clarified yet, which is unavoidable when dealing with testing of virtually manufactured
specimens. The influence of different finite element types and element technologies on the shear
buckling resistance of a conventional I-girder is evaluated in the presented parametric study. In
general, structural engineers are more acquainted with the shear buckling behaviour and strength of
this girder type than in case of corrugated web girders, therefore, it is better for model verification in
the parametric study.
The shear buckling resistance of an I-girder with dimensions of tw = 4 mm, hw = 700 mm, tf = 20
mm, bf = 100 mm and L = 2 x 700 mm (plane symmetry is assumed in the plane of loading) is
determined. Yield strength is assumed to be fy = 355 MPa and Young’s modulus is equal to E =
210000 MPa. Transverse stiffeners with a thickness of 20 mm are modelled at the supports and in the
plane of loading. Simulations are displacement-controlled, the maximum applied vertical
displacement load is 5 mm. The calculations are based on equivalent geometric imperfections
recommended by the standard EN 1993-1-5:2006. Local out-of-plane imperfections are applied with
a magnitude of hw/200 corresponding to the first eigenshape (shear buckling) using linear bifurcation
analysis (Figure 90a). The material model of steel is defined as a bilinear isotropic hardening model
with a tangent modulus of E/100 according to the standard. Equivalent geometric imperfections,
boundary conditions and the nonlinear material behaviour that are taken into account in the parametric
study are shown in Figure 90.

Fig. 90 a) Equivalent geometric imperfections and boundary conditions, b) nonlinear material
behaviour applied in the model.
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The aim is to minimize the computational time, while the determined shear buckling
resistance is within a $2% range of the reference value Vb,Rd,ref (359.95 kN) calculated by using
8-node shell elements and an average mesh size of 6.25 mm. The computational error is
calculated by (Vb,Rd - Vb,Rd,ref) / Vb,Rd,ref ∙ 100%, where Vb,Rd is the corresponding shear buckling
resistance, while Vb,Rd,ref is the reference value. Note that the formulae of Eurocode, ignoring
and including the effect of flanges (M-V interaction), give a shear buckling resistance of 313.63
kN and 371.6 kN, respectively. Computations are performed on a personal computer with 64bit operating system, 24 GB RAM, Intel® CoreTM i5-4440 CPU (3.10 GHz) quad core processor
and 2 TB HDD.
Element types, the corresponding model settings (‘key options’) for element technology and
the parameters of meshing are summed up in Table 16. The applicable element technologies
are different for each element type. Key options not shown in the table are assumed to be the
default values listed in the manual [53]. Five element types are investigated in the parametric
study (Figure 91): (i) 4-node quadrilateral shell element, (ii) 8-node quadrilateral shell element,
(iii) 8-node hexahedral solid element, (iv) 20-node hexahedral solid element and (v) 10-node
tetrahedral solid element. Low-order tetrahedral elements (tetrahedral option of SOLID185) are
not considered in the simulations. Pure displacement element formulation is implemented for
all the solid element types. A total of 126 numerical simulations are performed with the possible
combinations of element types, element technologies and meshing parameters.

Fig. 91 Investigated element types: a) 4-node quadrilateral shell element, (b) 8-node quadrilateral shell
element, (c) 8-node hexahedral solid element, (d) 20-node hexahedral solid element and (d) 10-node
tetrahedral solid element [53].
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Table 16 Element types, key options and meshing parameters used in the parametric study.

Meshing
Element type

KEYOPTs (settings)

SHELL181
(4-node shell)

KEYOPT(3):
2 – Full integration with incompatible
modes

SHELL281
(8-node shell)

Default settings

SOLID185
(8-node solid)

KEYOPT(2):
0 – Full integration with B-bar method
1 – Uniform reduced integration with
hourglass control
2 – Enhanced strain formulation
3 – Simplified enhanced strain
formulation

KEYOPT(2):
SOLID186
0 – Uniform reduced integration
(20-node solid)
1 – Full integration
SOLID187
(10-node solid)

Default settings

Average
mesh size
100 mm
50 mm
25 mm
12.5 mm
6.25 mm
100 mm
50 mm
25 mm
12.5 mm
6.25 mm
100 mm
50 mm
25 mm
12.5 mm
6.25 mm
100 mm
50 mm
25 mm
12.5 mm
100 mm
50 mm
25 mm
12.5 mm

Divisions over the
thickness

–

–

1
2
4
8

1
2
4
1
2
4

Shell elements
The 4-node shell element (SHELL181) is a linear element with bending and membrane
stiffness invoking first-order shear-deformation theory. It has three translational and three
rotational degrees of freedom at each node. It uses full integration of the 2x2 integration points
in the presented simulations with incompatible modes, or ‘extra shapes’, to improve the
accuracy in bending-dominated simulations [53]. Five simulations are carried out by using
different average mesh sizes. The coarsest mesh contains linear shell elements with an average
element size of 100 mm, while the mesh is refined in four additional steps by halving the
average element size. Thus, the finest mesh is built up with elements of 6.25 mm. The degrees
of freedom of the 4-node shell element models vary between 720 and 119622. Figure 92 shows
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that shear buckling resistance converges rapidly by using 4-node thin shell elements. Even a
relatively coarse mesh results in a buckling resistance within the acceptable range of 2% shown
with red dotted lines. The average element size of 100 mm results in 6.3% error in shear
buckling resistance with 7 s of computational time. On the contrary, a shell model with an
average element size of 50 mm takes only 14 s to determine the buckling resistance with an
error of 1.6% that fits the previously defined criterion.
The 8-node shell element (SHELL281) is a quadratic element and has 2x2 integration points
by default, however, the number of integration points is increased to a minimum of five as
plasticity is present [53]. It has three translational and three rotational degrees of freedom at
each node. The default key options are used for this element type in the simulations. Five
simulations are carried out by using the same average element sizes as for the 4-node shell
elements. The degrees of freedom (DOFs) of the 8-node shell element models vary between
2064 and 357510. Figure 92 also shows that shear buckling resistance converges rapidly by
using 8-node shell elements. Even a relatively coarse mesh results in a buckling resistance
within the acceptable range of 2%. The average element size of 50 mm results in 2.5%
computational error in shear buckling resistance with 11 s of computational time. On the
contrary, a shell model with an average element size of 25 mm takes 33 s to determine the
buckling resistance with an error of 0.2% that fits the previously defined criterion.

Fig. 92 Relation of degrees of freedom (DOFs) and shear buckling resistance (Vb,Rd) by using 4-node
(SHELL181) and 8-node (SHELL281) shell elements.
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Low-order solid elements
The 8-node solid element (SOLID185) is a linear element and has 2x2x2 integration points
by default. It has three translational degrees of freedom at each node. The influence of four
different element technologies is investigated in the parametric study in case of this element
type: (i) full integration with B-bar method, (ii) uniform reduced integration with hourglass
control, (iii) enhanced strain formulation and (iv) simplified enhanced strain formulation. The
full integration with B-bar method (the method is also known as selective reduced integration
method) helps to prevent volumetric locking in nearly or fully incompressible cases for loworder solid elements. The B strain-displacement matrix is split into dilatational (volumetric)
and deviatoric parts [169] in order to manage the numerical difficulty. Reduced integration,
with only one integration point, is used for volumetric term. However, eight integration points
are used for deviatoric term, thus, it does not prevent shear locking in bending-dominated
problems.
The uniform reduced integration method is supposed to prevent shearing locking in
bending-dominated problems and volumetric locking in nearly or fully incompressible cases.
It uses reduced integration in both volumetric and deviatoric terms, thus, only one volumetric
and one deviatoric integration point is used. Therefore, it is more time-efficient than the Bbar method and the enhanced strain formulations. Nevertheless, a finer mesh is needed to
prevent ‘hourglassing’ and to capture stress gradients. The enhanced strain formulation adds
nine extra internal degrees of freedom to prevent shear locking and four internal degrees of
freedom to address volumetric locking. The simplified enhanced strain formulation adds one
internal degree of freedom to make the element more flexible in bending-dominated problems
to alleviate shear locking [53]. The coarsest mesh contains linear solid elements with an
average element size of 100 mm, while the mesh is refined in four additional steps by halving
the average element size. Thus, the finest mesh is built up with elements of 6.25 mm.
Divisions over the thickness are increased from one to eight in four steps by duplicating the
number of divisions in the web. Thus, eighty numerical simulations are performed altogether
with the possible combinations of element technologies (4) and meshing parameters (5x4).
The degrees of freedom of the 8-node solid element models vary between 987 and 488517.
The notations in the figures of hexahedral solid elements are the followings: solid element
type-keyopt(2)-number of divisions over the thickness (e.g., SOLID185-1-1). The 8-node
SOLID185 low-order solid element type with full integration with B-bar method (Figure 93a)
cannot be used for such analyses as it is overstiff to capture the realistic behaviour even with
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a small average element size and multiple divisions over the thickness. Neither reducing
element size, nor increasing the number of divisions over the thickness from one to eight, i.e.,
mesh refinement (h-method), do not help convergence issues in this case. Similar phenomena
can be observed by using uniform reduced integration with hourglass control (Figure 93b).
Results are totally unrealistic. The h-method in case of enhanced strain formulation and
simplified enhanced strain formulation effectively improves results (Figure 94a and b,
respectively). For instance, the quasi-optimal solution for the investigated problem when
using enhanced strain formulation, the model has 188637 DOFs, average element size is 6.25
mm and the divisions over the thickness of the web is two. The calculation time is 544 s,
while the error is 1.8%. On the other hand, when using simplified enhanced strain
formulation, the optimal case has the same DOFs, average element size and number of
divisions over the thickness, however, the calculation time is slightly shorter (530 s) as this
formulation adds only one extra internal degree of freedom instead of thirteen, while the error
is 1.8% as well. The number of divisions over the thickness does not have a large influence
on the results, while computational time increases significantly. The application of simplified
enhanced strain formulation gives practically the same results as enhanced strain formulation;
however, computational time is longer for enhanced strain formulation.

Fig. 93 Relation of degrees of freedom (DOFs) and shear buckling resistance (Vb,Rd) by using 8-node
(SOLID185) solid elements with a) full integration and b) reduced integration.
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Fig. 94 Relation of degrees of freedom (DOFs) and shear buckling resistance (Vb,Rd) by using 8-node
(SOLID185) solid elements with a) enhanced strain formulation and b) simplified enhanced strain
formulation.

High-order solid elements
Shear locking does not occur in case of high-order solid elements (SOLID186, a 20-node solid
element with three translational degrees of freedom at each node) due to the quadratic shape functions,
but they are prone to volumetric locking if full integration is used. Therefore, uniform reduced
integration is recommended when using high-order elements as the default option [53,170]. The
coarsest mesh contains quadratic solid elements with an average element size of 100 mm, while the
mesh is refined in three additional steps by halving the average element size. Thus, the finest mesh is
built up with element size of 12.5 mm. Divisions over the thickness are increased from one to four in
three steps by doubling the number of divisions in the web of the girder. Thus, 24 numerical
simulations are performed altogether with the possible combinations of element technologies (2) and
meshing parameters (4x3). The degrees of freedom of these models vary between 3327 and 262221.
The 20-node SOLID186 high-order solid element type with uniform reduced integration and full
integration improves the quality of the results (Figure 95a and b, respectively) by increasing the
degree of the shape functions (p-method) within an element, without changing the number of elements
used, and by reducing element size as well (hp-method). Average element size of 25 mm and four
divisions over the thickness result in a shear buckling resistance that fits in the $2% range of the
reference value. Computational time is 173 s for the calculation with uniform reduced integration,
which is shorter for the acceptable configuration than for the low-order solid element type (530 s) as
a there is a large difference in DOFs (70047 and 188637, respectively).
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Fig. 95 Relation of degrees of freedom (DOFs) and shear buckling resistance (Vb,Rd) by using 20-node
(SOLID186) solid elements with a) uniform reduced integration and b) full integration.

The 10-node solid element (SOLID187) is a second-order (quadratic) element and has 4
integration points by default. It has three translational degrees of freedom at each node. The
element type is well suited for meshing irregular domains, which is an undeniable benefit,
especially, when automatic meshing of CAD/CAM models is recommended. The second-order
elements, such as SOLID187, do not have shear locking and they are not prone to volumetric
locking in general, however, mixed u-P formulation (uses both displacement and hydrostatic
pressure as primary unknown variables) can be used in case of volumetric locking to overcome
difficulties when dealing with incompressible material behaviour [53]. The same meshing
parameters are used as in case of 20-node hexahedral solid elements. Thus, twelve numerical
simulations are performed altogether with the possible combinations meshing parameters (4x3).
The degrees of freedom of the 10-node solid element models vary between 12657 and 580335.
The notations in the figures of high-order tetrahedral solid elements are the following:
SOLID187-number of divisions over the thickness (e.g., SOLID187-1). The quality of the
results (Figure 96) improves by reducing element size, while increasing the number of
divisions over the thickness has lesser influence. The presented cases do not fit the $2% range
of the reference value and an even smaller mesh size is recommended. However, data plotted
in the figure demonstrates the applicability of high-order tetrahedral elements as well.
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Fig. 96 Relation of degrees of freedom (DOFs) and shear buckling resistance (Vb,Rd) by using 10-node
(SOLID187) solid elements.

Force-displacement curves
The structural behaviour of the I-girder using different formulations is presented in Figure 97.
The acceptable configurations, where shear buckling resistance is within the $2% range of the
reference value and buckling resistance converges to the reference value by using either hmethod, p-method or hp-method, are summed up in the figure by showing the reaction forcevertical displacement curve of each approach. The results of 8-node (SOLID185) solid elements
using full integration with B-bar-method and reduced integration are not presented, because these
formulations give erroneous results in the investigated case, while high-order tetrahedral elements
do not fit the ±2% range for the simulated cases. The initial stiffness of the curves is identical and
the shear buckling resistance values are nearly the same for the plotted configurations.

Fig. 97 Behaviour of the girder during shear buckling test using different element types and
technologies.
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It can be concluded that the enhanced strain formulation or simplified enhanced strain
formulation is recommended in such analyses for 8-node hexahedral elements. Two divisions
over the thickness is sufficient with an average element size of 6.25 mm, which is equal to
~hw/120. High-order hexahedral elements, irrespectively of using full integration or uniform
reduced integration, may provide accurate results with coarser mesh (average element size of
12.5 mm, which is equal to hw/60) and slightly shorter computational time despite the higherorder polynomial shape functions as the DOFs can be decreased. The applicability of secondorder tetrahedral elements is presented as well, however, according to the results a much finer
mesh is necessary for the investigated geometry, failure mode and loading condition.
Nevertheless, computational time is much longer than for brick elements. It is suggested to
avoid using such elements, especially, when meshing of three-dimensional domains with
hexahedral elements is not laborious.
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